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Abstract
In order to examine the impact of anisotropy in creep deformation of the zirconium alloy
clad in pressurised water reactors (PWR), finite element analysis was used through the
Abaqus CAE v11.2 software.
A qualitative link between the deformation of a single hexagonal-closed-packed zirconium
crystal (c/a < 1.63) under uniaxial loading and Hill’s anisotropic criterion was devised,
which allowed for the additions of anisotropic creep strain on the zirconium clad. A
21/2−D axisymmetric (r, z) test element was used to examine the application of anisotropic
creep strain using the Hill potential via the CREEP subroutine and the *POTENTIAL
command, and comparisons with analytical solutions were drawn.
This lead to the development of an axisymmetric 21/2−D elastic fuel pin model. The
material properties for the uranium dioxide pellet and zirconium alloy clad used were of
empirical nature. An empirical gap conductance model, consisting of an open and closed
gap conductance component, was used via the GAPCON subroutine and a smooth gap
closure was achieved during a highly non-linear coupled temperature-displacement analysis.
The thermal profile of a PWR fuel pin under nominal operating conditions was produced
and comparisons with the analytical solutions, where possible, were made.
An empirical anisotropic creep strain model, consisting of thermal and irradiation induced
creep components, was lastly implemented in the thermo-mechanical elastic fuel pin model.
An isotropic case and two differing textures were examined. These were a high preferential
basal pole alignment in the radial and axial direction. The differing textures resulted in
profound differences in the stress distribution on the metallic clad and consequently the
final creep strain deformation varied. It was found that the radially aligned texture resulted
in high axial elongation and the axially aligned texture resulted in a bigger diametric
increase of the tube.
The investigation concluded that texture plays a crucial role on the stress distribution
and hence the creep strain deformation of the zirconium alloy tube, influencing both the
mechanics and chemistry of pellet-cladding interactions, and hence needs to be investigated
further in the future.
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Chapter 1
Introduction
Currently 31 countries worldwide are operating nuclear power plants with a total of 388 reactors that
have a combined installed power capacity of 333 GW. In 2013, four new reactors were started (3 in
China and 1 in India) and only one reactor was decommissioned (US), and in the first half of 2014, two
started up (1 each in China and Argentina) and none were closed. Yet nuclear power is in decline, with
50 fewer reactors in comparison to the peak in 2002 and a decreased net power capacity as compared
to 2010. [1]
Currently in the UK 18% of the electricity is generated from nuclear energy [2]. The country’s
nuclear fleet is composed of 16 Generation II reactors (see Table 1.1), of which seven twin–unit
advanced gas-cooled reactors (AGRs), one magnox and one pressurised water reactor (PWR). These
figures will be changing as the government’s review on its nuclear policy, spurred by the increasing costs
of natural gas as well as the European Union’s aim to reduce CO2 gas emissions, favours expansion
of renewable energy sources as well as the nuclear sector. But whereas an upper bound was set to the
percentage contribution of the former, no limits were set on nuclear power. The upcoming expected
AGR reactor shutdowns will reflect in a loss of 72% of the total nuclear electricity output by 2024.
However plans for 11 new Generation III PWR and boiling water reactor (BWR) units are under way,
with the first two European pressurised reactors (EPR) expected to start-up by 2023 at Hinkley Point.
The high starting capital outlay of a reactor, an estimated £8 billion per unit at Hinkley, as well as
the additional waste storage facilities for the end fuel need to be kept to a minimum if nuclear power
is to maintain its competitive advantage over alternative sources of energy. Whereas the starting price
of nuclear power is £92.50 kW/h, cheaper than alternative green options available, it is almost double
that of coal or gas generated electricity at a price of £55 kW/h. However, coal and gas prices are
subject to variations and are expected to increase, whereas nuclear power is inherently more resilient
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Gen I - Early nuclear power reactor prototypes built in the 1950s-1960s. These
include the Shippingport, Magnox/UNGG, Fermi 1, and Dresden.
Gen II - The current commercial light water reactors (LWRs), built up to the end
of 1990s: pressurised water reactors (PWRs) and boiling water reactors
(BWRs) built in the US, advanced gas reactors (AGRs), heavy water
reactor CANDU built in Canada and VVER- the equivalent of PWR in
Russia. Lifetime of 30-40 years.
Gen III - Modernised Gen II LWRs. They have improved fuel technology, thermal
efficiency and rely more on the use of passive rather than active safety
systems. The design is standardised and the operational life is prolonged
(∼60 years). They include the European pressurised reactor (EPR) and
the advanced CANDU
Gen IV - Future designs which after the US Department of Energy (DOE) Of-
fice of Nuclear Energy, Science and Technology opened international
discussions for collaboration leading to their development. The High
temperature water-, gas-, and liquid salt-based pebble bed thermal and
epithermal reactors.
Table 1.1: Genealogy of nuclear reactors [3][4]. Currently no Gen III reactors are in operation, with
plans in France and Finland falling behind schedule.
to the current and future financial markets.
It has to be noted that approximately 95% of the energy content remains unused at the end of life of
a typical light water reactor fuel pin [5] and the spent-fuel reprocessing plants that reclaim fissionable
material from spent fuel use hazardous chemicals which also increase the running costs. This loss is
partly attributed to the operational and fuel design limitations as set by the International Atomic
Energy Agency (IAEA) under the umbrella of fuel safety related topics [6]. The numerous operational
rules which cover normal operating conditions are based primarily on setting fuel design limitations
and controlling the degree of fuel burn-up. The performance of nuclear fuel, unlike its competing fossil
fuels, is inseparable from its shape, composition, cladding and environment, and whereas setting such
rules narrows the design criteria and keeps burn–up conditions within the safety zone, it can at the
same time prohibit the fuel’s cost-efficient use. Thus nuclear fuel that can withstand higher burn-up
values is constantly sought.
Evidently, the various thermo-mechanical and corrosion mechanisms that lead to fuel degradation
are in need of detailed examination. Public safety concerns after the accident at the Fukushima Daiichi
NPP, highlighted the need for their vigilant operation and reinforced the necessity to understand the
fuel pin system more fully, beyond the limitations imposed by fuel post–irradiation examinations.
In PWRs, damage to the cladding was first observed during reactivity initiated accidents where
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the sudden unwanted increase in fission rate lead to a power ramp coupled with a sudden tempera-
ture increase [7]; the spike in gaseous fission products caused abrupt swelling further expanding the
pellet into the cladding causing significant fuel-pin mechanical damage. The fuel pins are in a hostile
environment and it is expected that the uranium dioxide (UO2) fuel pellet interacts with its zirco-
nium alloy cladding early after start-up where the two come into direct contact resulting in complex
thermo-mechanical pellet-cladding interactions (PCI) that can potentially lead to fuel failures.
Under nominal operating conditions, high temperature gradients within the fuel pellet force it to
take on an hourglass shape. This combined with the large pressure difference across the cladding,
high operation temperature and neutron irradiation, enhanced creep rates causes the metal cladding
to undergo creep driven plastic deformation into the fuel. When the pellet and the cladding come
into contact, friction and bonding occurs at the interface and as the pellet continues to swell from
the build-up of gaseous and solid fission products (FPs) as well as from the formation of irradiation
defects, the contact forces increase. These frictional forces contribute to pellet cracking and relocation,
leading to non-uniform strains on the cladding with regions of high strain at the pellet-pellet-cladding
triple points that can lead to mechanical failure.
The fuel pellet cracks can become pathways for the corrosive fission gases retained in the fuel to
escape to the surface, which in combination with high local stresses and with the help of hydrogen
blisters embrittle the cladding and can result in a form of stress corrosion cracking. Delayed hydride
cracking and hydrogen embrittlement constitute the other two main failure mechanisms that will not
be examined here.
PCI is an important multifaceted industrial problem and significant efforts have been made to
examine the mechanical driving force behind it, both experimentally and computationally. Many
industrial fuel performance codes exist which rely on extensive experimental databases in order to
assess their ability to predict with reasonable accuracy the behaviour of fuel rods. METEOR, a 1D
axisymmetric radial code and its 2D and 3D equivalent, TOUTATIS and 3D ALCYONE, all developed
by the Atomic Energy Commission (CAE) as well as FRAPCON and FRAPTRAN developed by the
U.S. Nuclear Regulatory Commission (NRC) for steady and transient fuel rod analysis are some of
the most prominent codes available today. The focus has been shifting from one-dimensional codes to
multidimensional ones since they are better suited at capturing the complex multidimensional nature
of PCIs.
The aim of this study is to use finite element analysis (FEA) via the Abaqus/CAE (Complete
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Abaqus Environment) in order to construct a 2D axisymmetric fully coupled thermo-mechanical PWR
fuel pin model that captures the effect of the pellet-cladding gap closure and follows physical gap
conductance models such that the thermal profile of the fuel pin at nominal operating conditions
is reproduced. The implementation of both isotropic and anisotropic creep strain deformation via
the Abaqus subroutine capabilities will be examined with the ultimate goal of incorporating differing
textures in creep on the metallic cladding in the thermo-mechanical fuel pin model. The stress profile
of the cladding will be analysed and the practical significance of any potential differences arising from
the various textures used will be assessed.
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Chapter 2
Literature Review
2.1 Nuclear reactors
Nuclear reactors are devices that initiate and sustain a controlled fission reaction, where a fissile nucleus
interacts with a neutron and splits into two or more fragments, whose exact nature is governed by
statistical laws relying on the energetic configuration of the original setting. For instance, the fissile
isotope of uranium-235 can undergo the following fission pathway with an incident neutron of thermal
energy (0.25 eV) [8]:
U23592 + n→ Rb9337 +Cs14155 + 2n. (2.1)
Each event yields free neutrons and photons of variable quantity as well as energy. There is on
average a loss in mass equivalent to ∼ 200 MeV, which mainly manifests as heat. The effective neu-
tron multiplication factor is kept at unity in order to preserve the reaction, maintaining it at a steady
state. The possible number of FPs approaches 200; for thermal neutron fission they are of unequal
masses centred around the atomic masses of 90 and 130 for uranium–235 for a binary event and
some of the FPs are gaseous [8]. The new fragments carry on down the radioactive decay pathway
until a stable isotope is reached. This may take several millennia causing spent fuel storage difficulties.
There are many different types of thermal nuclear reactors, all of which share the same basic com-
ponents: fissile material, coolant and moderator.The fissile material is contained in the fuel pellet,
which is enclosed in protective clad. The coolant removes heat from fission, keeping the temperature
to an acceptable level. In boiling water reactors (BWRs) light water is usually used and the heat
gained from the fission reaction causes the water to boil and the steam to drive electricity generating
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Figure 2.1: Schematic of PWR reactor core. The primary loop consists of the pressuriser, the reactor
coolant pumps, the reactor core and the steam generators. Heat is transferred from the core via the
connective pipes to the steam generators which are connected, on the secondary loop side, to turbine
generators. Water in the primary loop is returned from the steam generators back into the core. Image
taken by USNRC Technical Training Center [9].
turbines directly. The major difference implemented in a PWR is the existence of a primary and a
secondary loop system and the heat exchanger; the primary loop is pressurised water which removes
heat from the reactor core and exchanges it with the secondary loop. The steam generated in the
secondary loop is then used to produce steam to drive the main turbine, after which the secondary
water is cooled and fed into the system again. In this manner, any radioactive leakage is kept within
the primary loop. This is illustrated in Figure 2.1 Alternatively, gases such as carbon dioxide as well
as molten metals are used as coolants in other reactor designs.
The moderator influences the rate of fission by slowing down neutrons such that they fall within
the resonance range of absorption of the fissile nuclei but ultimately it is the control rods that control
the fission rate. Usually water, heavy water, or sometimes graphite is used. In a PWR the coolant
has the additional role of moderator. This combination means that there is a negative temperature
coefficient of reactivity of the moderator. That is, if the heat released exceeds the design limit, a
coolant reduction in density follows which reduces the ability of the pressurised water to moderate
hence decreasing the availability of thermal neutrons, brining the fission rate down. The negative
6
Figure 2.2: Typically 15x15 fuel pins are assembled together into a fuel assembly. A fuel core contains
around 150 such assemblies.
temperature coefficient control is a distinguising feature of a PWR which ensures the stability of the
reactor when at power.
The efficiency of the reactor is connected to the effectiveness of the cladding, which keeps the
radioactive fission fragments enclosed within the fuel pin and protects the hot ceramic fuel from in-
teracting with the coolant. Typically 14x14 to 17x17 pins are bundled together to form an assembly,
as seen in Figure 2.2, and around 150 assemblies form the fuel core [10]. In this manner, structural
stability is enhanced as the pins are anchored in place and thus protected from the coolant turbulence,
which can cause structural vibrations. In addition the fuel is re-arranged within the reactor to obtain
an optimum neutron flux profile, improving the overall performance of the fuel.
2.2 Pellet-cladding interactions
To understand PCI, one also needs to examine the structural design of the fuel pin and its main
characteristics, illustrated by the schematic in Figure 2.3. The starting radial clearance of a few
microns between the pellets and the tube is needed to allow loading of the pellet stack into the
cladding. This gap is connected to the plenum at the top of the fuel rod and the pin is a pressure
tight tube filled with helium gas, chosen for its high thermal conductivity, to a starting pressure of
1-3 MPa [11].
During the first increase in power to nominal values both the pellets and the cladding are heated
and consequently thermally expand. This has a plethora of implications for both the fuel, which
undergoes severe morphological transformations, as well as the metal cladding. Within a few hours of
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Figure 2.3: The schematic cross section of a fuel pin with the main characteristics indicated.
reactor operation, the porosity of the fuel pellets relocates against the thermal gradient towards the
centre, as seen in Figure 2.4. This signals the initiation of the porous central region, typical of nuclear
fuels, which under irradiation conditions can evolve to a central void.
This is further aided by the sintering and densification of the pellets that takes place due to the high
centreline temperature which at nominal operating conditions can reach 1200 K [13]. The density of
the fuel increases above the manufacturing density, typically 93-95% of the theoretical density[14][15],
and consequently the initial pellet-cladding gap increases.
As a result of the high differential thermal expansion, the ceramic pellets experience large internal
stresses. The hot centre tries to expand and is therefore held in compression while the outer surface,
which is cooler, experiences less thermal expansion and is held in tension. This effect is intesified by the
material’s poor thermal conductivity, which decreases with burnup and temperature [16] until radial
cracks develop which tend to travel towards the centre of the pellet as well as in the axial direction,
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Figure 2.4: The cross section of an irradiated UO2 fuel pellet under magnification illustrating the
central porous region formation, radial cracking and relocation. The image is taken from the Terapur
atomic power station [12].
producing piece-shaped pellet fragments and relieving the internal stresses. It has been shown that
cracks reduce the pellet-cladding gap as the fragments relocate radially outwards [17]. The increase in
pellet volume, is compensated for by a decrease in the pellet-cladding gap and is referred to as pellet
relocation [18][19].
Moreover, fission products play a crucial role in PCI. As they built-up in the fuel matrix, they
tend to alter the chemical composition of the pellet, and their concentration determines whether or
not the pellet will interact chemically with the cladding. The pellet’s oxygen potential consequently
changes, driving a reaction that leads to the corrosion of the cladding.
Their physical state determines the volume they displace, which if bigger than the volume of the
consumed fuel, pellet swelling occurs which can is the major contribution to gap closure and contact
pressure on the cladding. It has been shown experimentally that burnup is associated with a constant
swelling rate of ≈1% per 10 MWd/kgU [20] up to a cutoff high burnup point which varies with other
parameters, such as the temperature, the burnup and the density of fuel. Typically solid fission
products can be found either as oxides in solid solution within the fuel matrix or agglomerated into
different phases such as metallic inclusions in grain boundaries or insoluble oxides within the fuel that
change its oxygen stochiometry, making it more prone to react chemically with the cladding. These
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typically bring about swelling that increases linearly with burnup.
Gaseous fission products, such as Kr and Xe, are insoluble in UO2 and they migrate to grain
boundaries [21], dislocations or pre-existing pores [22][23]. The gases proceed to form intergranular
gas bubbles and trap further fission products, increasing the volume much more than if they would
had they remained dispersed in an atomic form. Their low thermal conductivity decreases the overall
thermal performance of the fuel by decreasing its thermal conductivity in a similar way to fabricated
porosity. Volatile gas production, the halogens Br and I, occurs in lower yield to noble gases, however
studies have shown that the corrosive iodine can diffuse up to two orders of magnitude faster than
xenon [24], and is likely to be released in the gap.
At high enough burnup and temperature the swelling linearity with burnup disappears. This is
attributed to gaseous swelling as after a critical temperature, fuel micropore growth causes a significant
increase in swelling, after which columnar grains form and the pellet fragments further, allowing the
intergranular gas bubbles to form channels and escape into the gap and plenum increasing the pressure
on the cladding and lowering its thermal conductance, while swelling saturates [25].
High burnup fuel interacts chemically with the cladding to form complex fuel-cladding bonding
layers and consequently mechanically coupling the pellet and the clad. The higher the burnup, the
thicker the bonding layer is; it has been reported that at 42 GWd/tU a typical bonding layer is about
10-20 µm thick. This occurs as zirconium interacts with oxygen, forming a wall of monoclinic ZrO2
along the inner surface of the cladding. This substitutional solid solution is aided by contact between
the pellet and the cladding which allows for mutual diffusion of U and Zr along the interface. Typically
two layers are formed: close to the pellet a cubic solution of (U,Zr)O2 and an amorphous phase with
continually changing concentrations of UO2 and ZrO2, and closer to the cladding a layer constisting
of cubic ZrO2 [26].
In addition, the production of corrosive fission gas builds up, such as iodine, can lead to severe PCI.
This occurs when the corrosive agent escapes through the pellet cracks, and in combination with the
highly localised stresses on cladding, can lead to a process known as stress corrosion cracking (SCC),
where radial cracks develop, weaking the structural integrity of the cladding. The IAEA defines SCC as
‘a term given to crack initiation and sub-critical crack growth of susceptible alloys under the influence
of tensile stress and a corrosive environment’ [27]. This process is further aided by irradiation damage
of the zirconium alloy which causes hardening that can enhance stress corrosion cracking, leading to
premature failure of the cladding. Alloyed zirconium coatings on the inner cladding wall, known as
liner cladding, have been adopted in CANDU (short for Canada-deuterium-uranium reactors) and
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BWR reactors to protect against this phenomenon by decreasing the metal yield strength and thus
minimising the initiation and propagation of stress corrosion cracks [28].
All the above mechanical and chemical interactions (changes in pellet geometry via swelling, hour-
glassing and relocation and chemical interactions resulting in pellet-cladding bonding) have a signifi-
cant impact on both the thermal and stress profile of the pin, and are aided by the slow rate-dependent
plastic deformation of the cladding known as creep. This takes place due to the high temperature the
metal is exposed to and the irradiation damage it accumulates. As a result, the high coolant pressure
drives the cladding to creep down on the pellet, decreasing the initial pellet-cladding gap further.
Creep strain plasticity needs to be taken into accout in stress-strain calculations of the fuel pin and
will be examined in detail in Chapter 3.
2.3 Fuel pin heat analysis
One of the central aspects considered in the design of a nuclear reactor is the thermal efficiency. Heat
generated by nuclear fission causes the temperature of the fuel rods to rise and a temperature gradient
is created between the fuel and the coolant flowing in the core which acts as a medium that carries
away the heat energy required to create and sustain the steam in the steam generators which in turn
power the electricity generating turbines.
As mentioned earlier, the temperature gradient within the pins has a strong influence on a num-
ber of fuel pin parameters such as the mechanical behaviour of the pin, fuel and cladding corrosion
mechanisms, and the microstructural evolution of the fuel under irradiation. These include grain
growth, densification, fission product diffusion within the fuel, pore migration towards the centre of
the pellet leading to a central void, radiation damage accumulation and pellet cracking and relocation
and influencing to PCIs [29].
Here the various aspects of heat generation will be examined.
2.3.1 Fuel burnup
Burnup is a term used to indicate the degree of usage of the fuel or how much energy has been
extracted from the primary fuel. There are many common measures of burnup, one of which is the
fission density. For a constant and uniform fission rate F˙ (t) this is defined as:
F =
∫ t
0
F˙ (t)dt = F˙ t [fission/cm3]. (2.2)
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Figure 2.5: A cross sectional schematic of a pin.
Alternatively, the fractional burnup β is used, given by:
β = number of fissionsinitial number of uranium atoms . (2.3)
More frequently, burnup is expressed as the cumulative energy output per unit mass of the primary
fuel, expressed in mega Watts days per kilogram of uranium (MWd/kgU). Historically, the values of
fuel burnup at discharge have gone up from 25 MWd/kgU in the 1980s to 50 MWd/kgU in 2000 with
the current established limit set by the IAEA of around 60 MWd/kgU [30].
2.3.2 The thermal pin
The complex thermo-mechanical interactions lead to a thermal pin profile that can be adequately
analysed through a simple heat conduction equation and the following analysis follows the general
trend and necessary assumptions stated in literature [31]. To begin with, due to the high length-to-
diameter ratio of the PWR pins, the pellets can be thought of as a uniform body exhibiting only
the radial component of heat flux. Any pellet misalignment (such that the gap is absent on one end
and double on the other) at the beginning of the pin life can lead to circumferential temperature
gradients which are small in comparison to the radial gradients and are thus ignored. In addition, the
temperature dependance of material properties which are influenced by irradiation damage and evolve
over time introduce complexities that will not be examined here and the pellet radius is assumed
constant.
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Fourrier’s law can be used to deduce the heat equation in cylindrical coordinates such that
Pv + ~∇ · (λ∇T ) = cρ∂T
∂t
(2.4)
where r is the cross sectional radius, Pv is the pellet power density [Wm−3], λ is the thermal con-
ductivity of the fuel [Wm−1K−1], T is the temperature [K], c is the specific heat capacity of the
fuel [Jkg−1K−1] and ρ the fuel density [kgm−3]. Under steady-state conditions the above equation
simplifies to:
Pv +
1
r
d
dr
(
λr
dT
dr
)
= 0, (2.5)
and with the application of the appropriate boundary conditions, namely:
T (R) = TFS and
dT
dr
∣∣∣∣
r=0
= 0 (2.6)
where TFS is the fuel surface temperature as seen in Figure 2.5, the temperature profile is given by:
T (r)− TFS
TFC − TFS = 1−
r2
R2
. (2.7)
An axisymmetric parabolic temperature drop is therefore expected. This thermal profile is responsible
for the pellet’s hourglass shape and subsequent fracture and relocation, as seen in the computational
results shown in Figure 2.6. It should be stated that the solution is an oversimplification as λ varies
with radial position due to porosity changes and both λ and Pv are functions of time.
Similarly, if the clad is treated as a hollow conducting cylinder, it can be shown that the temper-
ature drop across the gap is:
Tfs − Tci = q
′
2pihgap
ln[(Rf + tg)/Rf ], (2.8)
and the temperature drop across the cladding is:
Tci − Tcs = q
′
2pikc
ln[(Rf + tg + tc)/(Rf + tg)] (2.9)
where q′ is the linear heat generation [Wm−1], hgap is the gap conductance and kc is the cladding
thermal conductivity.
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Figure 2.6: A computation model’s representation of the ‘wheatsheaf’ or ‘hourglass’ shape of a pellet
shown to be symmetrically cracked, taken by Campos et al, 2009. [32]
2.3.3 Gap conductance
On par with the above analysis, assuming that no axial temperature differentials exists across a fuel
pin, heat is conducted radially across the fuel-cladding gap. This is done primarily via the conducting
filling gas while the gap is open and via the pellet and cladding surfaces directly once the gap closes.
In addition, the pellet emits heat in the form of radiation, which becomes significant only during
accident conditions and will thus not be investigated further.
For completeness, the total conductance across the gap is the summation of the various conduc-
tances in series, such that:
hgap = hr + hg + hp (2.10)
where hgap is the total gap conductance, hr is the conductance due to the radiation emmisivity, hg is
the gas conductance, hp is the added conductance due to contact.
At the beginning of the reactor life, the gap is mainly filled with helium but the composition
changes with time as irradiation fission products formed in the pellet escape into the gap, increasing the
pressure. When the gap width tgap >> λ, the mean free path of the conducting gas, the temperature
varies in a smooth linear fashion from one surface to the next and the gas conductance is given as
hgap =
kg
tgap
(2.11)
where kg is conductivity of the heat exchanging gas.
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Figure 2.7: (a) Schematic representation of the extrapolation required (jump distances) to account
for the effects of the temperature discontinuity at the surface boundaries, as illustrated in Olander
[33]. (b) A suggestion of how the closed gap might look like, as seen in Olander [33]. The surfaces
roughness of the pellet-cladding pair is accounted for in the gap conductance.
However when the gap width tgap ≈ λ the heat transfer via the gas is affected by a process similar
to viscous slip in hydrodynamics and the temperature of the gas immediately adjacent to the bounding
surface, that is the pellet or the cladding, is not equal to the surface temperature. This gives rise
to a temperature discontinuity on the surface boundaries typically refered to as a temperature jump.
As a linear temperature differential is assumed across the gap, a linear extrapolation of the bulk
gas temperature behind the two interfaces is necessary, by introducing additional terms in the gap
thickness, known as the pellet gf and cladding gc jump distances.
In addition, the plane surfaces are not perfectly smooth and the gap width is a function of the
mean roughness heights of the contacting surfaces and the interfacial pressure when the asperities
are in contact. These effects are shown in Figure 2.7. It has been shown that for nominally plane
surfaces with touching hemispherical asperities of uniform height and array, the additional term is
proportional to Rf + Rc where Rf an Rc are the surface roughness of the fuel and the cladding
respectively. Therefore, the open gap conductance, given by Ross and Stoute [34], is:
hg =
kg
dg + c(Rf +Rc) + gf + gc
, (2.12)
where c is an empirical constant. Due to thermal expansion and swelling of the pellet the gap closes
and heat is conducted through solid-solid contact as well as through the gas film which is trapped
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in the space in-between. This additional conductance is now a function of the portion of that area
in contact, which due to the surface roughness, is only a small fraction the total contact area, as
illustrated in Figure 2.7 (b). The local compressive stresses act to increase the contact area, as the
harder pellet forces the softer clad to plastically deform and The conductance has been found to be
proportional to the interfacial pressure as the local compressive stresses act to increase the contact
area, and the harder pellet forces the softer clad to plastically deform. In addtion, it has been found
that the average radius of the solid-solid contact is proportional to the square of the mean gas-film
thickness such that the closed gap conductance, as given in Olander [33], is
hc = Cc
2kfkc
kf + kc
Pc
δ1/2H
(2.13)
where Cc is a constant, Pc is the solid-solid pressure, δ is the gas film thinkness and H is the Meyer
hardness of the softer material.
2.4 Pellet-cladding interaction models
Initially, fuel performance models began as a fuel-clad support activity, with very basic thermal expan-
sion models that were able to calculate pellet-cladding mechanical forces. When it was realised, in the
70s, that cladding failure as a result of power ramps was not a unique feature of BWRs, and that stress
corrosion cracking in the presence of pellet-cladding mechanical interactions (PCMI) was an unavoid-
able problem [35][36], PCI behaviour became the target of investigation with new corrosion resistant
materials and high-refinent behavioural models in development. This lead to a number of advance-
ments such as the advent of zirconium-liners in BWRs, the development of improved corrosion-resistant
zirconium alloys and the use of ‘softer’ less creep resistant fuel with chemical ‘getters’ to minimise
chemical cladding attack [37]. Fuel design changes were also brought about. The pellets became
shorter, with higher density, chamfered edges and a double dish in order to to minimise the effects
of hourglassing. Reduction in the reactor’s power density was achieved by switching to higher-order
lattice fuel assemblies and changing the reactor core design, decreasing the number of PCI failures.
The fuel codes are nowadays used as indepedent fuel rod design verifications by fuel vendors for
both nominal and accident conditions, and act as input data for neutronics codes. The industry’s
drive towards ‘a no fuel failure‘ policy lead to operational restrictions which are costly in terms of
reduced power, and in response, the models are used to provide quantitative studies for possible
burnup extension and power modulation. The Electric Power Research Institute (EPRI), using the
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fuel performance code FALCON [38], generated qualitative operational guidelines and quantitative
assesment of all the major vendor’s power maneuvering guidelines for both PWRs and BWRs to
reduce PCI failure [39].
Currently, numerous fuel performance codes exists, with each country building its own. With a
few exceptions, most of the codes are one-dimensional (1-D) radially axisymmetric and axially-stacked
representations, often refered to as 11/2-D codes in the literature. FRAPCON and FRAPTRAN, for
steady and transient conditions respectively, developed by the Pacific Northwest National Laboratory
(PNNL) and used by the Nuclear Regulatory Commission (USA) are such examples. Similar codes
include ENIGMA by British Energy, TRANSURANUS by ITU, COPERNIC by AREVA France and
RODEX by AREVA USA. Two and three-dimensional codes (2-D and 3-D) followed; FALCON [40],
developed by EPRI is a fully-coupled-thermo-mechanical (r,θ) and (r,z) code and the three-dimensional
codes TOUTATIS [41] and ALCYONE [42], developed by Commission of Atomic Energy (CAE) as
extensions to the one dimensional METEOR code [43], take into account geometrical non-linearities in
order to evaluate localised stresses. Currently, the Idaho National Laboratory (INL) is in the process
of developing and validating a new thermo-mechanical code, BISON, that couples with mesoscale
phase modelling that uses atomistic simulations to account for species diffusion, such that, it will be
able to deal with a variety of fuel compositions and geometries.
The main purpose of the codes is to model the heat transfer from the pellet to the coolant.
Geometrically, they all consist of a pellet, a pellet-cladding gap and the cladding which make up a fuel
pin, as well as the coolant. One dimensional (1-D or 11/2-D) codes typically use small-displacements
for the kinematic representation and are unable to capture complex deformations with the exception
of FRAPTRAN, a Fortran finite difference code, which uses large-deformation analysis where the
ballooning effect is predicted to take place [44]. Within the FRAPTRAN framework, the required
variables are calculated at specific radial locations on user-defined discrete (r, θ) slices called axial
nodes as seen in Figure 2.8, which vary on elevation. The calculated variables are assumed to be
independent from slice to slice.
Multidimensional 2-D and 3-D finite element (FE) codes can model more complex cladding defor-
mations as they utilize large-strain deformation theory and can better capture the effects of PCMI
which are inherently three dimensional. For example, FALCON accounts for fuel swelling and den-
sification as well as fuel cracking and relocation and subsequent gap thickness and gap conductance
changes. Elastic and plastic responses are also embedded alongside dependencies on time, temper-
ature, stress, fast neutron flux and material metallurgical conditions. FALCON has been used for
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Figure 2.8: For the 1-D FRAPTRAN code, the variables are calculated at specific radial locations on
discrete axial slices which are independent from one another. Diagram taken from FRAPTRAN-1.5
code description manual [44].
the study of radial cracks in the (r, θ) plane [38] that act as pathways for the corrosive iodine gas,
which when in combination with highly localised cladding stresses, such as those that can arise due to
missing pellet surface, can be a major source of PCI and cladding failure [47]. Figure 2.9 illustrates an
(r, θ) FALCON model used to carry out a cladding stress analysis on the wall adjacent to a missing
pellet surface, locating the area of high localised stress. Similar analysis has been carried out with the
3-D coupled BISON code that is still in developement; the largest tensile stress was found to lie on
the cladding surface adjacent to the missing pellet surface, as well as on the outer cladding wall along
the pellet ridges due to localised bending. This clearly demonstrates how 3-D models are required for
capturing three-dimensional effects that would otherwise not be straighforwardly inferred from 2-D or
1-D models [46].
Constructing models that can reproduce experimental results or even have some predictive capa-
bility for evaluating the mechanistic side of PCI is a difficult task. One of the most challenging aspects
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Figure 2.9: (a) A cross section of a pellet containing a defect. The combination of a pellet crack
and the adjacent missing pellet surface (manufacturing defect) leads to a higher occurance of PCI
failures due to stress corrosion cracking. Image taken from [36]. (b) The cladding stresses arising
due to a manufacturing defect were investigated using the 2-D FALCON, locating the area of high
stress concentration [45]. (c) The effects of a pellet defect on the clad was also investigated through
the under-developement coupled code BISON [46]. Some of the results are shown in (d). Localised
cladding bending on the wall adjacent to the defect was found to take place, demonstrating the need
for 3-D models as a means to model PCI.
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Requirements
Produce thermal energy,
retain fission products and
structural integrity.
Performance Indicators
Temperature profile,
Stress and strain
Behavioural Mechanisms
Fission gas release,
burnup, corrosion,
swelling, creep,
thermal expansion,
crack growth etc.
Microstructure
Atomic fission,
lattice defect formation and,
annihilation, diffusion,
chemical reactions
Figure 2.10: A description of fuel behaviour modelling. Atomistic processes are fed into behavioural
mechanisms which determine the fuel performance. Image reproduced from [48].
is the evolving composition of the irradiated fuel which complicates the physics and chemistry of the
system and influences parameters which lead to cladding failure. The majority of the present models
are empirical - they are based on experimental results that are fitted to polynomials. While these
models provide accurate descriptions of material properties and are extremely valuable for technolog-
ical applications, they are only valid in the range of parameters and irradiation conditions covered in
the data-set on which they have been developed, and any iterpolation and extrapolation of the results
can lead to errors. In addition, the conditions required for irradiation-based experiments are difficult
and often mock materials are used instead. The major drawback of empirical models, however, is their
lack of predictability and transferablility as they cannot be used to predict behaviours that go beyond
the experimental data-set background and only apply for the specific geometry and materials used.
The need to move to theory-based models that are developed to explain the physics, chemistry and
material chemistry of fuel and cladding materials has been long recognised. Theory-based models are
expected to provide a deeper understanding of the nature of PCI and have predictive capability for
phenomena such as heat transfer and fission product retention. This however, requires the detailed
understanding of the significance of microstructure and stochiometry on a number of parameters that
drive PCI, such as the thermal material properties, swelling, phase stability and creep, which have
thus far only been possible to implement in models semi-empirically. The need for atomistic, mesoscale
and continuum scale modelling and the coupling of those into a physical model has been a recurrent
topic in the yearly ‘Materials Modeling and Simulation for Nuclear Fuels’ (MMSNF) workshops, set
up in 2003 in order to promote and stimulate research and discussion on modelling and simulation of
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nuclear fuel. The U.S. Department of Energy (DOE) has recongnised the need for simulations and
modelling as means of providing solutions for commersial reactors and has set up the Consortium for
Advanced Simulation of Light Water Reactors (CASL) in 2010 which aim to provide coupled modelling
and simulation capabilites to address light water reactor operational phenomena, with a focus on the
physical processes that take place [49].
In reality a mixture of empirical and theoretical models is in existence, and the effect of microstruc-
tural evolution (such as point defects and dislocations) during service is often absent from commercial
fuel performance codes as very few models couple microstructural material evolution with large scale
events. Numerous computational methods have been devised, covering various time and length scales,
to address nuclear fuel material behaviour. Efforts are being carried out by newly developed codes
such that this information is transferred between scales via characteristic parameters such as density,
energy, or grain size such that the various codes are coupled, as summarised in Figure 2.10. One of
the key components is the understanding of the relationships between thermo-mechanical properties
such as enthalpy, heat capacity, thermal conductivity and thermal expansion, and parameters such
as temperature, composition, porosity, pressure and irradiation level. Some properties are burnup
depedent and predicting material behaviour as a function of burnup and pellet history is desirable -
using experimental data that use burnup as a parameter leads to cumbersome problem definitions.
2.5 Zirconium alloy cladding
2.5.1 Properties
A focus on zirconium alloy development was an ongoing endeavour within the nuclear industry given
the intrinsically favourable properties of zirconium making them suitable for a wide variety of ap-
plications in both light and heavy water reactors. Zirconium alloy development was brought about
through its use in the nuclear industry as various zirconium alloys serve a variety of applications in
both light water and heavy water reactors. These include fuel cladding in pressurised water reactors,
pressure and calandria tubes in steam generating heavy water reactors and as a grid in BWRs [50].
Its establishment as a structural material was certified after researchers at the Oak Ridge success-
fully removed hafnium from naturally occurring zirconium which lowered the large thermal neutron
absorption coefficient of the naturally occurring metal, making it useful as fuel cladding. The Naval
Nuclear Propulsion program initiated the use of zirconium in its water cooled submarine reactor in
the 1950s and it was soon realised that while zirconium has a high corrosion resistance, a direct con-
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Zirconium alloy Element % Weight
Zircaloy-2
Sn 1.2-1.7
Fe 0.07-0.20
Cr 0.05-0.15
Ni 0.05-0.08
Zircaloy-4
Sn 1.2-1.7
Fe 0.12-0.18
Cr 0.05-0.20
Ni ≤ 0.007
Table 2.1: The composition of zircaloy-2 and zircaloy-4 enhanced the mechanical strength.
sequence of its high reactivity leading to the formation of a stable and adherent oxide film, corrosion
resistance at high temperatures was nevertheless an eminent problem. This was improved through
careful alloying; the trade name zircaloy-1 gave way to zircaloy-2 which included iron (0.15%), nickel
(0.05%), chromium (0.10%) and less tin (1.5%) which improved its corrosion resistance. Since then,
new improved alloys have been developed that comply with the changing operational requirements of
reactors. Table 2.1 summarises the composition of zircaloy–2 and zircaloy–4 currently used.
It was realised soon after initial reactor operation that despite the high corrosion resistance of
the oxide layer, zirconium alloys are still susceptible to corrosion. In particular hydrogen pick–up by
zirconium in water and steam summarised, by the following chemical equation
Zr+ 2H2O→ ZrO2 + 4H (2.14)
leads to the embrittlement of the metal. The hydrogen solubility increases with temperature; hydrides
precipitate within the lattice, assisting crack growth. In addition, due to the elevated temperatures
and high cladding stresses corrosive agents such as fission gas released iodine can initiate a form of
stress corrosion cracking as mentioned earlier, causing significant cladding degradation.
2.5.2 Zirconium crystallography
The pure element is a relatively strong, ductile metal which has two equilibrium allotropic solid phases:
the α-phase (α-Zr) which takes up a hexagonal closed-packed (hcp) crystal structure as illustrated in
Figure 1.7 and is stable in the range of 200-1123 K, after which a transition to the β-phase (β-Zr)
that corresponds to a body-centered cubic (bcc) crystal structure occurs that remains stable until
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Figure 2.11: HCP unit cells. (a) Atomic unit cell. (b) Hard–sphere unit cell. (c) Isolated unit cell.
the melting point. Additional non-equilibrium phases can occur that exhibit the simple hexagonal
structure, such as the ω-Zr, stable at temperatures below 200 K and up to 100 K at 6 GPa [51].
Here the α-phase is considered as under PWR operating conditions the zirconium alloy lies at
temperatures well under the α-β phase transition temperature. The β-phase should be considered
in the event of a Loss of Coolant Accident (LOCA) and even though some remnants of the non-
equilibrium phases might be present after the fabrication process as second phase strengtheners [52],
the α-phase is still the dominant one.
The α-Zr hcp single crystal exhibits elastic anisotropy as the elastic moduli in different directions
vary. In addition due to the high degree of plastic anisotropy and the possibility of twinning, zirco-
nium and zirconium alloys exhibit complex non symmetric deformation mechanisms where twinning
competes with glide. It is generally reported that four types of glide slip systems are identified in
three glide planes:
• 〈a〉 slip on the basal plane 〈112¯0〉 {0001},
• 〈a〉 slip on the prismatic plane 〈112¯0〉 {101¯0},
• 〈a〉 slip on the pyramidal plane, and 〈112¯0〉 {101¯1},
• 〈c+ a〉 slip on the pyramidal plane 〈112¯3〉 {101¯1}
where the first bracket denotes the general slip direction, the second refers to the family of slip direction
and the thrird is the family of slip planes [53]. The bar denotes a negative value. Figure 2.12 gives a
schematic representation of the hcp slip plane systems.
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Figure 2.12: Four first-order slip systems for hcp zirconium.
The transition metal has c/a ≤ √3 indicating that the prismatic rather than basal planes are more
densely packed and hence, according to the Peierls-Nabarro model [54][55], prismatic rather than basal
slip is more favourable [56] owing to the shorter Burger’s vector for that mode of deformation.
This is in agreement with the experimental results of Gong and Wilkinson [53] on the plastic flow
of single crystal hcp α titanium, where the critical resolved shear stress (CRSS) of 〈c+ a〉 slip on
first order pyramidal planes and 〈a〉 slip on the basal planes are 2.6 and 15% higher than 〈a〉 slip on
the prismatic planes.
2.6 Conclusion
Understanding the multifaceted problem of PCIs is crucial in improving the efficiency of PWRs. The
complexity of the interactions ranges from the irradiation induced microstructural changes which drive
chemical reactions to the macrostructural thermal changes which take place due to the temperature
and pressure differentials leading to mechanical interactions. The former are highly dependent on
the burnup pellet history as well as the pellet and cladding chemical compositions, and will not be
examined here. The thermal profile of a PWR pin will be produced and the rate dependent plastic
deformation of the cladding, which creeps-down onto the encased pellets leading to pin structural
changes, will be investigated via the FE method. A particular interest will be taken in the anisotropic
effects introduced by texture, as examined in Chapter 3.
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Chapter 3
Background
3.1 Texture
3.1.1 Introduction
The preferred orientation of grains, known as material texture, is an intrinsic property of materials,
which can nevertheless be developed through careful material manipulation. It has an influence on
many of the physical properties of a material, such as the strength, electrical conductivity, magnetic
susceptibility, wave propagation, creep strain, and in particular on the anisotropy of these physical
effects. Consequently, any property that is sensitive to anisotropic effects will be influenced by tex-
ture. The zirconium alloy cladding undergoes a manufacturing process which introduces texture and
the effects of texture on creep deformation in PWRs will be examined. Any anisotropy potentially
developed during creep deformation is, for the purposes of this work, ignored.
Here, anisotropy is defined via Kearn’s factors and the manufacturing process that introduces
texture in zirconium alloy cladding is summarised. An introduction to plasticity follows, and the
creep deformation mechanisms in nuclear reactors is examined.
3.1.2 Kearn’s factors
Whereas polycrystalline isotropic bodies, due to the macroscopic average sum of the uniformly dis-
tributed multiple single crystal orientations that make up the body with respect to an arbitrary axes,
present a mechanical behaviour that is space invariant, textured anisotropic bodies do not. Different
slip systems become activated as a function of the loading direction resulting in a non-invariant me-
chanical response, as the average sum in any arbitrary direction of a specific single crystal orientation
will not be zero.
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For hcp crystals the Kearn’s factors can be used to quantify texture. Developed by Kearns [57]
in the 60’s to determine the average number of poles aligned in a given direction using X-ray diffrac-
tometer scans, Kearns used the vectorial nature of the anisotropy of material properties, developed
by Boas and Mackenzie [58] in the 50s, and postulated that the contribution of hcp single crystals to
the bulk property in an examined reference direction Pref depends on the polar angle φ between the
reference direction and the [0001] crystal basal pole direction according to:
Pref = P[0001] cos2 φ+ P⊥[0001] sin2 φ (3.1)
where P[0001] and P⊥[0001] are the single crystal values parallel and perpendicular to the [0001] pole.
If the volume of crystals orientated with their [0001] pole at an angle φ to the reference direction, a
quantity referred to as the volume fraction Vi, is derived from X-ray data, the above equation can be
written as:
Pref = P[0001]
∑
i
Vi cos2 φi + P⊥[0001]
∑
i
Vi sin2 φi, (3.2)
where ∑Vi = 1. The orientation parameter, given as:
f =
∑
Vi cos2 φ, (3.3)
is known as Kearns factor. In more detail, this quantity is given in integral form as:
f =
∫ pi/2
0
I(φ) sinφ cos2 φdφ (3.4)
where I(φ) sinφ gives the volume distribution of crystals as a function of orientation such that the
volume fraction over ∆φ is given by:
Vi,∆φ =
∫ φ2
φ1
I(φ) sinφdφ∫ pi/2
0 I(φ) sin(φ) dφ
. (3.5)
Figure 3.1 illustrates a random distribution of poles intersecting the reference sphere. The angle
φ represents the tilt of [0001] poles with respect to the reference direction which is then averaged over
360 degrees around α to give the pole density I(φ). At all times the Kearns factors along the principle
directions of a system sum to unity, and for an isotropic body
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Figure 3.1: Randomly distributed [0001] poles of a sample intersecting a reference sphere examined.
Image reproduced from [57].
3∑
i=1
fi = 3× 13
= 1.
(3.6)
Many measurements have been carried out to determine the Kearns factors for zirconium alloys
used in nuclear reactors. Fong [59] experimentally determined the Kearns factors from orientation
distribution function (ODF) data (3D representation of texture) for differently processed zircaloy-
4 claddings and used the relationships developed by Backofen [60] to determine Hill’s anisotropy
parameters, explained later on, for materials where the Kearns factors were known. Table 3.1, taken
from Fong, summarises various experimental results.
3.1.3 Deformation texture
The mechanical properties of zirconium alloys are fabrication sensitive and the metal exhibits a strong
deformation texture such that when deformed the grains arrange themselves in a non-random fashion.
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Anisotropy
Parameters
Fong
Coleman et al [61] Hunt[62],Hunt and Newell [63]
Not
Simulated Braze
Braze
(As mfg’d)
α-ann.
(HAZ)
(815◦C, 50s)
β-transf.
(1050◦C, 50s)
Zircatec Atucha As
Rec’d
α-ann.
(800◦C, 1 h)
β-treated
(1060◦C)
Kearns factors (r=radial; t=transverse;l=longitudinal; directions of principal axes of the tube:
fr 0.54 0.53 0.51 0.65 0.56 - - -
ft 0.28 0.18 0.26 0.30 0.29 - - -
fl 0.18 0.19 0.24 0.05 0.15 - - -
Hill’s anisotropy parameters:
F 0.76 0.73 0.58 - - 0.76 0.96 0.57
H 0.54 0.56 0.54 - - 0.56 0.32 0.42
G 0.20 0.21 0.38 - - 0.18 0.33 0.51
Table 3.1: Kearns and Hill’s anisotropy parameters taken for a variety of processed zircaloy-4 fuel
claddings. As manufactured, α-annealed and taken from the heat affected zone (HAZ), β-transformed
and as received samples were tested. Values taken were adjusted to the principal axes used here.
Taken from Fong [59]
That is due to the metal’s low number and asymmetric distribution of primary slip systems The
limited number of slip systems make it easier to manipulate the metal as texture development is an
immediate result of number of degrees of freedom for which material can flow.
3.1.4 Pin manufacture and texture
A preferential texture with radially aligned basal poles is desirable in the design of zirconium alloy
cladding, as this minimises the occurrence of SCC in its later life. Experiments involving a specially
designed cladding with a circumferentially varying texture, exhibited higher SCC events along the
cladding surface that was directly opposite the circumferentially aligned basal poles, whereas little
SCC was observed where the basal poles were radially aligned, as illustrated in Figure 3.2. This is
because the most energetically favourable diffusion path taken by the corrosive agents lies along the
direction that is perpendicular to the basal pole. A radial texture blocks this route, increasing the
strength of the cladding [64], and is thus introduced in the manufacturing process.
Along the zirconium alloy tube production line, a number of manufacturing steps are taken. Tex-
ture fabrication is among the last ones, and many different processes have been used to produce
textured cladding over the years with the end result depending on the method used, the alloy as
well as the alloy’s history. ‘Tube reduction’ is a form of pilgering currently used, that facilitates the
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production of tubes of large diameter and thin walls, producing small wall thickness variation. Typ-
ically it involves a reduction in the cross-section RCS , width RW and diameter RD of the tube and
is favourable as it allows for precise predictions of the operative forces and the resulting deformation
mechanisms activated, giving the user a lot of control over the resulting texture.
The determining factor controlling texture development is the RW /RD ratio. A favourable defor-
mation route is the application of high radial compression compared to tangential so that the tube
wall thickness increases while the diameter decreases (Rw/RD > 1) as seen in path (a) of Figure 3.2.
The basal planes have a tendency to align along the direction of high stress and by applying a high ra-
dially compressive stress, the hcp c–axes align with the radial component of the tube. This minimises
stress corrosion cracking in the later life of the cladding by blocking the most energetically favourable
diffusion path of the corrosive agents along the alloy, increasing the strength of the cladding [64].
3.2 Plasticity background
Here the general theorems of plasticity together with the definitions used in this work are outlined
with the aim of gaining some physical insight. It is beyond the scope of this work to give a rigorous
mathematical description of the relationships used, and the reader is directed to further sources for
further details.
3.2.1 Incompressibility condition and von Mises yield criterion
One of the basic assumptions of classical metal plasticity based on the early and late work of physicist
Percy Williams Brigdman [65] is that plastic deformation is assumed to take place without a change
in volume such that the sum of the principal or dilation plastic strain components or equivalently the
strain rate components is zero. This is the ‘incompressibility’ condition that plasticity satisfies which
is typically expressed using Einstein’s summation convention, whereby repeated indices are implicitly
summed over the three values of 1,2,3 such as:
ε˙pii = ε˙
p
11 + ε˙
p
22 + ε˙
p
33 = 0 (3.7)
where ε˙ii is the diagonal strain derivative with respect to time. Strain is a second rank tensor describing
material deformation in a way which invokes the concept that distances amongst points within the
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(a)
(b)
Figure 3.2: (a) A cross sectional schematic of a cladding tube machined out from a specific Zircaloy
plate with a high rolling texture such that the tube direction corresponded to the rolling direction of
the sheet. A continually varied texture was thus obtained with the extreme basal pole orientations
in positions a and b as illustrated above. This enabled the effect of pole orientation on iodine SCC
to be studied. The occurrence of SCC was higher in basal orientation b, and lower in orientation a.
(b) Possible deformation routes taken with the ‘tube reduction’ mechanism. The uppermost route
a, where the radial compression exceeds the tangential is the preferential one taken. High radially
compressive stresses are favourable as they lead to radially aligned textures.
continuum change. It is given in terms of the displacement vector u such that:
εij =
1
2
(
∂ui
∂xj
+ ∂uj
∂x1
)
, i, j ∈ {1, 2, 3} (3.8)
where the partial derivatives are evaluated at x = [x1, x2, x3].
In addition, Brigdman’s early investigation on the effect of hydrostatic pressure on the yield point
of metals showed a very weak correlation, and so classical metal plasticity theory assumes that the
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effect of hydrostatic pressure on the yield locus of a material is negligible. This condition is expressed
in the von Mises yield criterion which states that a ductile material will yield once the strain energy
of distortion per unit volume reaches a critical value. The theorem assumes that the yield function
depends only on the second deviatoric stress tensor invariant J2(0) such that:
f =
√
J2(0) − k (3.9)
where
J2(0) = σ′ijσ′ji (3.10)
and 0 is the deviatoric stress tensor, given as
σ′ij = σij − σkkδij/3. (3.11)
The parameter k depends on the amount of pre-strain and is known as the yield strength in
pure shear. The quadratic nature of the condition implies that the yield strengths in tension and in
compression are the same and that any superposition of hydrostatic stresses does not contribute to
yielding.
3.2.2 Effective stress and strain definitions
For reasons of comparability with the von Mises yield criterion, the tensorial form of stress is also
reduced to a scalar quantity known as the von Mises or effective or equivalent stress defined as
σe =
√
3J2(0) (3.12)
=
(3
2
0 : 0
)1/2
. (3.13)
For simple uniaxial loading σ0 in a given direction it can be easily shown that the above reduces to
σe = σ0.
The total strain used for the purposes of this work can be broken down as the summation of
independent elastic εeij and plastic strain ε
p
ij terms such that:
εij = εpij + εeij . (3.14)
31
The relationship between the stress and strain tensors can be concisely illustrated using the Voigt
notation. This is done by pairing the set of indices found in the strain and stress tensor definition in
the following order:
(1, 1), (2, 2), (3, 3), (2, 3), (1, 3), (1, 2) (3.15)
and replacing each pair of {i, j} indices by a number m ∈ {1..., 6} that denotes the position of the pair
within the list, such that:
(1, 1)→ 1, (2, 2)→ 2, (3, 3)→ 3
(2, 3)→ 4, (1, 3)→ 5, (1, 2)→ 6.
(3.16)
The elastic tensor of an orthotropic material1 can be written in a column matrix form in Voigt
notation such that:

εe1
εe2
εe3
εe4
εe5
εe6

=

1/E11 −ν12/E12 −ν13/E13 0 0 0
−ν12/E12 1/E22 −ν23/E23 0 0 0
−ν13/E13 −ν12/E12 1/E33 0 0 0
0 0 0 1/2G44 0 0
0 0 0 0 1/2G55 0
0 0 0 0 0 1/2G66


σ1
σ2
σ3
σ4
σ5
σ6

(3.17)
where ν and G are the Poisson’s ratio and shear modulus.
In a similar fashion as the deviatoric stress definition, the deviatoric plastic strain is as:
ε′ij = εij − εkkδij/3 (3.18)
and the effective or equivalent plastic strain increment and the equivalent plastic strain rate are defined
by
dεe =
(2
3d" : d"
)1/2
and ε˙e =
(2
3 _"
p : _"p
)1/2
(3.19)
1An orthotropic material has two or three mutually orthogonal twofold axes of rotational symmetry. Zirconium is
an hcp metal and in the single crystal level exhibits orthotropic elastic behaviour.
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respectively. Note that due to the incompressibility condition, 13δijεij = 0 and there is no need to
calculate the deviatoric plastic strain. For uniaxial loading producing a plastic strain ε0 in the direction
of the applied load, it is easily shown that εe = ε0.
3.2.3 The plastic potential
In the process of establishing a relationship between the plastic strain increment and the current stress
state, a quantity known as the plastic potential was postulated by von Mises in 1928. As reported by
Hill [66], for reasons of generality the yield criterion can be expressed as a function of both the second
J2(0) and third J3(0) deviatoric stress tensor invariants, expressed as
f(J2, J3) = a (3.20)
where a is a parameter which can incorporate any strain history dependence. For von Mises plasticity,
the stress-strain relationship is restricted by the incompressibility condition. In the trivial case where
an increment of stress keeps the stress-point on the yield surface such that the plastic strain is zero (a
stress change described as ‘neutral’ since it consists of neither loading nor unloading), described by
df = ∂f
∂σij
dσij =
∂f
∂J2
dJ2 +
∂f
∂J3
dJ3 = 0. (3.21)
the plastic strain increment can be written as
dεpij = Ωijdf (3.22)
where Ωij is a symmetric tensor that is a function of the stress invariants. It is thus bound by the
restriction of the incompressibility condition such that Ωii = 0 and its principal axes coincide with the
principal stress axes. These conditions can be satisfied with sufficient generality by choosing
Ωij = h
∂g(σij)
∂σij
(3.23)
where h and g(σij) are scalar functions of deviatoric stress invariants J2 and J3. In addition, g(σij)
is required to be a homogeneous function of stress, which in stress space is a cylinder. This cuts
the σ11 + σ22 + σ33 = 0 plane1 along a curve, Γ and is thus perpendicular to the yield function.
A plastic strain increment lies on the σ11 + σ22 + σ33 = 0 plane as the incompressibility condition,
1This plane disects the cross section of a uniform, cylindrical yield criterion which assumes, like the von Mises
criterion, that hydrostatic stress does not contribute to plastic deformation.
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dε11 + dε22 + dε33 = 0, must be satisfied. In the special case when g(σij) = f(σij) such that the in-
tersecting curve Γ and the yield locus are the same, the plastic strain increment is described by
dεpij = h
∂f(σij)
∂σij
df. (3.24)
Now if given state of stress results in a strain increment, the work carried out is W = σijdεij . As it
is possible that multiple differing stress states can result in an identical f , under the constraint of
f(σij) = f(σ∗ij) = c, where σij and σ∗ij are two differing stress states and c is a constant, the work has
a stationary value when
∂
∂σij
(
σijdε
p
ij − f(σij)dλ
)
= 0 (3.25)
where dλ is the Lagrange multiplier which is equal to dλ = hdf . This leads to the flow rule, predicted
by von Mises, namely:
dεpij = dλ
∂f(σij)
∂σij
(3.26)
where f(σij) is known as the plastic strain potential. The normality hypothesis is implied where the
vector of any plastic strain increment is in a direction that is normal to the yield surface at the load
point. In addition the flow rule constrains the yield locus as the stress-strain solution can only be
unique if the yield locus f(σij) = c and σij-space is concave.
3.2.4 Hill’s anisotropic potential
The plastic potential used here is Hill’s anisotropic potential developed by Rodney Hill [67] as a direct
extension of the von Mises yield criterion. It is given by:
f(σij) =
[
F (σ22 − σ33)2 +G(σ33 − σ11)2 +H(σ11 − σ22)2 + 2Lσ223 + 2Mσ231 + 2Nσ212
]1/2
, (3.27)
where i, j ∈ {1, 2, 3} of any curvilinear coordinate system and F , G, H, L, M , N are parameters
of the current state of anisotropy which can be experimentally determined as ratios in mechanical
testing. For vanishing anisotropy the coefficients are equal and it is clear that Hill’s potential reduces
to the von Mises criterion. Figure 3.3 illustrates the difference between isotropic and anisotropic yields
obtained from the von Mises and Hill’s potentials.
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Anisotropic
Figure 3.3: A comparison of isotropic and anisotropic yield functions. Hill’s anisotropic parameters
simply apply a symmetric distortion to original von Mises yield function.
The main underlying assumptions of the Hill potential are similar to the von Mises yield criterion
assumption. These are:
• There are three principal axes of anisotropy at every point in the material. These three planes
meet in orthogonal directions which may be called principal axes of anisotropy.
• Hydrostatic stress does not affect yielding.
• As stated above, Hill’s potential assumes that the yield reduces to the von Mises yield criteria
for very small anisotropy and it is thus quadratic in stress.
According to the flow rule see in equation (3.26) the principal plastic strain rates are given as
ε˙11 = λ˙
1
f
(
H(σ11 − σ22)−G(σ33 − σ11)
)
ε˙22 = λ˙
1
f
(
F (σ22 − σ33)−H(σ11 − σ22)
)
and
ε˙33 = λ˙
1
f
(
G(σ33 − σ11)− F (σ22 − σ33)
)
.
(3.28)
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These will be used for the analytical calculation of plastic creep strain rates, the mechanisms of which
are discussed in Section 3.3.
3.3 Creep
3.3.1 Motivation
A critical concern for the structural integrity of the zirconium-alloy cladding lies in its resistance
to plastic deformation which in combination with continuous fuel swelling and cladding irradiation
degradation can lead to a cladding rupture. At the temperatures concerned, time-dependent plas-
tic deformation becomes an important contribution to the overall plastic deformation of the metal
cladding. The plasticity of materials which exhibit rate-dependent effects is called viscoplasticity.
Conventionally, viscoplasticity describes rate-dependent plasticity in which crystallographic slip is the
dominant deformation mechanism, enhanced by thermally activated mechanisms such as diffusion-
activated dislocation climb. Creep, which is examined in this work, is used to describe low strain
rate, time-dependent irreversible deformation which is either diffusion controlled, or influenced by
diffusion, though crystallographic slip is still occurring. During reactor start-up a high resistance to
creep material is welcomed as it reduces the level of creep–down strain toward the fuel and towards
the end–of–life prevents the rupture of the cladding due to the built–up of fission gases.
3.3.2 Basics of creep
Typically metal creep deformation is divided in three stages depending on the relationship of the creep
strain with respect to time. These are illustrated in Figure 3.4 for creep strain variation with time at
a temperature higher than half the melting temperature of the metal.
Stage I or primary creep is characterised by a decreasing creep rate with respect to time - a result
of metal strain-hardening occurring faster than any potential recovery processes. Stage II or secondary
creep, is the region where strain increases uniformly with respect to time under the assumption that
the rate of recovery is equal to the rate of work–hardening [69]. The creep deformations of this stage
are large and of similar nature to pure plastic deformations as the strain is uninfluenced by hydrostatic
pressure and they will therefore be treated in a similar mathematical fashion. Betten [70] constructed
a generalised theory of creep strain invariants for Stage II creep for isotropic materials based on the
incompressibility condition and the assumption of the existence of a flow rule, and Norton and Baily
[71][72] devised a creep power law for the special case of uniaxial stress where the flow potential is
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Figure 3.4: Constant stress rate creep strain behaviour in pure metals, taken by Kassner and Pérez-
Prado (2000) [68]. The three creep strain stages are shown.
expressed in terms of the second and third stress tensor invariants. The later will be used here and
is discussed later on. Stage II gives way to Stage III, the tertiary state, where metallurgical changes
including cavitation and cracking rapidly increase the creep strain rate leading to material failure by
fracture.
In this project the focus is on the steady–state creep strain for the zirconium alloy cladding,
primarily because the majority of the service time is spent under Stage II creep strain conditions.
Additionally, Stage III is ignored as the high localised stresses needed to cause the cladding to fracture
are almost never achieved and material fracture is not examined here. This is not to say that this is an
impossible scenario; such exceptions can occur when the pellet stacking inside the tube is non–uniform
due to pellet manufacturing defects or due to a missing pellet causing excessive localised stresses and
creep-down of the cladding, as shown in Figure 3.5 [73].
In steady state creep the elastic-plastic strain decomposition still holds. However we adopt Bond-
ner’s approach, mainly that ‘yielding is not a separate and independent criterion but is a consequence
of a general constitutive law of the material behaviour’. A less restricted definition of creep is used
without a formal definition of a yield criterion such that an elastic limit does not exists. That is true
at sufficiently low strain rates, where it has been experimentally determined that metal behaviour
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Figure 3.5: Diagram illustrating the effects of a missing pellet. The large external coolant pressure
can drive the cladding to creep down, which due to the missing pellet, can cause an excessive cladding
distortion. This can lead to cladding rupture. Image taken by Ron Adamson et al [73].
resembles those with a defined yield surface [74].
The uniaxial viscoplastic stress σij depends on the effective plastic multiplier ε˙e and a commonly
used power law relating them as investigated and presented by Norton [71] in the uniaxial stress state
regime is
ε˙e = ε˙c
(
σ
σc
)n
. (3.29)
The quantity ε˙c is an arbitrary standard value of the creep rate for which σ = σc and n is a material
dependent exponent.
A more general approach was taken by Odqvist, applicable to multiaxial stress states, using the
rate of dissipation M˙ as a creep flow potential under the realm of incompressibility such that
M˙ = M˙ [J2(0), J3(0)]. (3.30)
By carrying out the following differentiation which became known as Odqvist flow rule, namely:
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"˙ = δM˙
δ0
= ∂M˙
∂σe
∂σe
∂0
= 32
0
σe
∂M˙
∂σe
= εe
∂σe
∂′
(3.31)
and requiring that the uniaxial case reduces to Norton’s rule (3.29) leads to
∂M˙
∂σeq
= ε˙c
(
σeq
σc
)n
(3.32)
such that the Norton-Baily-Odqvist potential
M˙ = ε˙c
σc
n+ 1
(
σeq
σc
)n+1
(3.33)
is obtained. Under the assumption that anisotropy, whether present in the material or developed by
creep deformation, is negligible the constitutive equation relating multiaxial creep strain to deviatoric
stress can be expressed as:
_" = 32
ε˙c
σc
(
σe
σc
)n−1
0
= 32Aσ
n−1
e 
0
(3.34)
where material constants n and A are experimentally determined from uniaxial stress test assuming
Norton’s rule.
For completeness the above equation can be written in full

ε11 ε12 ε13
ε12 ε22 ε23
ε13 ε23 ε33
 =
3
2Aσ
n−1
e

σ11 − 13Tr() σ12 σ13
σ12 σ22 − 13Tr() σ23
σ13 σ23 σ33 − 13Tr()
 (3.35)
It is common practice in nuclear engineering to divide the total creep strain to three components:
thermal and irradiation-induced creep and irradiation growth. Here, the two former will be examined.
For the purposes of this work, the two creep mechanisms are assumed to be independent.
3.3.3 Creep mechanisms
Here the two key mechanisms of creep deformation of relevance for zirconium alloys are identified.
These are diffusional and dislocation climb assisted creep which are a result of micromechanical and
thermodynamical material response to macroscopic stresses and temperature gradients.
Creep is primarily known as a diffusive process taking place within the grains, driven both by the
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thermally activated dislocation motion and by stress gradients along the grains of the metal. It has
long been established that stresses can upset the thermodynamic concentration of vacancies around the
grain creating a free energy gradient, such that the grain boundary can act as a non–uniform source of
vacancies [33]. In an effort to balance-off the non–uniformity, vacancies diffuse down a concentration
gradient elongating the grains along the directions of applied stresses.
Diffusion can take place both via the bulk of the grain, a phenomenon termed Nabarro-Herring
creep [75], and across the grain boundaries, a phenomenon known as Coble creep. Both modes are
linear with respect to the applied stress. In the bulk diffusion Nabarro-Herring creep vacancies diffuse
from the grain boundary area under tension towards areas under compression via the volume of the
grain. The effective creep strain rate in this case is therefore inversely proportional to the area of the
grains given as
ε˙N-H = BVol
σ
d2
e−QN-H/RT (3.36)
where BVol is a constant, QN-H is the volume self-diffusion activation energy and d is the diameter of
the grain. On the other hand Coble creep is given by
ε˙C = Bgb
σ
d3
e
(
−Qgb/RT
)
(3.37)
where Bgb is the slowly varying function of the ratio between the grain boundary thickness and the
grain boundary diameter and Qgb is the activation energy for grain boundary diffusion. Figure 3.6 (a)-
(d) are deformation mechanism maps that illustrate the grain size and alloying effect on the diffusive
Coble creep. Originally devised by Ashby [76], these maps act as a means to depict the various
parameters that influence deformation mechanisms over a range of temperatures and stresses. Here
the results of Knorr and Notis [77] for α-zirconium and zircaloy–2 are illustrated where contours of
constant strain rate as a function of stress and homologous temperature T/Tα−β where Tα−β is the α−β
metal transition temperature are seen, and the case of inter–dependency amongst creep mechanism
is considered, where one process cannot proceed unless the other has also taken place, rendering the
slowest process the rate controlling one.
At lower stresses (4×10−6G−9× 10−5G, where G is the shear modulus of the metal) another
mechanism that is still linearly dependent to the applied stress was purposed by Harper, Shepard and
Dorn [78] after they observed that in aluminium, creep above the homologous temperatures T/Tm
where Tm of 0.95, where is the metal’s melting temperature, is independent of the grain size. As the
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(a) (b)
(c) (d)
Figure 3.6: (a) Deformation mechanism map for α-zirconium with a grain size of 60 µm. (b) Defor-
mation mechanism map for α-zirconium with a grain size of 10 µm. When compared to the creep map
of the bigger grain size of 60 µm it is clear that smaller grains are more susceptible to diffusion creep,
as the diffusion distances are smaller. More specifically the grain boundary diffusion creep mechanism
Coble regime dominates for a wider stress-temperature region for the smaller grain size metal, an effect
of the increased surface-area-to-volume-ratio. (c) Deformation mechanism map for zircaloy-2 with a
grain size of 60 µm. (d) Deformation mechanism map for zircaloy-2 with a grain size 10 µm. The
expected shift to Coble creep is observed for the smaller grain size metal together with a generally
higher creep strength of the alloy compared to the metal, a result of an increased activation energy
due to alloying, are illustrated. Plots taken by Knorr and Notis [77]
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Figure 3.7: Pictorial depiction of dislocation climb. Vacancy diffusion at dislocation edges which act
as a vacancy sink can act as to change the plane where slip can take place. Neutron irradiation damage
produces further vacancies, interstitials and self-interstitials thus aiding this process.
activation energy of this mechanism was found to be very close to the self–diffusion activation energy
for aluminium a dislocation core motion was proposed which came to be known as Harper–Dorn creep.
Fialca et al concluded that Harper-Dorn predominates at bigger grains of ≥ 125µm [79].
At present, the attention is drawn towards the intermediate stress regime where creep strain is
proportional to the fifth power of the effective stress known as the five-power-law creep for metals.
Experiments have shown that the activation energy within that range appears to be indifferent to
stress variations but is within the diffusion activation energy that is reported in the literature ( 88–
315 [kJmol−1]) [80][81]. This strongly suggests that a diffusion initiated creep strain mechanism is
responsible. It has been suggested that since the movement of dislocations, which at temperatures
of 0.4Tm are no longer restricted, dislocation climb occurs, allowing a dislocation edge to shift to a
neighbouring plane as illustrated in Figure 3.7. The dislocation climb range is marked in Figure 3.7.
At higher stresses, the five-power-law breaks down, as suggested by Sherby and Burke [82].
In zirconium, it is believed that dislocation climb rather than glide is the dominant mechanism
resulting in creep. This is consolidated, firstly, by the fact that elements of high lattice solubility
in the α–phase (Sn) have shown to increase the creep strength by reducing the self–diffusivity of α–
zirconium whereas elements which enhance it (Fe) have been found to decrease the creep strength [83].
Secondly, the activation energy required for creep to be initiated has been matched to the zirconium
self–diffusion activation energy within the range of 88–315 [kJ/mol] [84][85][80][86].
The apparent spread in the activation energy values for dislocation climb mentioned earlier lies
mainly in the difficulty of growing single α–zirconium crystals that would render the effect of dis-
locations and grain boundaries negligible. The levels of crystal purity and the various experimental
methods used to determine the slow self–diffusion coefficient of the transition metal also play a sig-
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nificant role [80][87]. This is because at low temperatures the diffusion will be influenced by the
presence of defects and the α−β transition which takes place at 1136 K places the final limit on the
substitutional diffusion coefficients which can be measured. In addition, the anomalous nature of the
α–zirconium self–diffusion activation energy with respect to temperature has troubled experimentalists
: it is postulated that the small amount of Fe impurities cause ultra-fast diffusion at high tempera-
tures by forming an iron-vacancy pair and this is not the case when the impurities form solid solutions
at lower temperatures [88]. The open structure of α–zirconium allows for much faster diffusion of
small atoms via empty interstitial sites and it has been proven experimentally that diffusion of small
interstitial atoms occurs faster parallel to the c–axis [89], with the exception of hydrogen which has
similar speeds in all directions.
3.3.4 Temperature-dependent creep
Diffusion-activated creep strain is a function of temperature and therefore becomes important after a
critical temperature that is material dependent, typically around 300−350 ◦C. There have been several
attempts to explain zirconium thermal creep behaviour [90][91][92]. At a constant temperature for an
applied uniaxial stress, the effective strain εe dependence on stress takes Norton’s power law form [93]
ε˙e = Aσn (3.38)
where A and n are material dependent constant. In 1977, Kohn [94] reported that the stress exponent
n of out–of–reactor Zr–2.5Nb tubes over the stress and temperature regimes of 40−200MPa and
300−450 ◦C respectively changes from n=2 to n= 5.3 whilst occupying intermittent values as seen
in Figure 3.8 (a). In a more recent study Hayes [95] brought together several experimental results
for zirconium creep strain and illustrated that once one normalises the results by using the diffusion
coefficient compensated steady–state creep rate and its corresponding shear modulus compensated
stress such that the differences in impurity levels and test conditions are accounted for, three regions
clearly emerge as shown in Figure 3.8 (b). A low stress regime where n≈1.1 is followed by an
intermediate stresses regime where n≈6.4 after which material creep failure occurs. At intermediate
stresses, the stress exponent value is considered to be within the limits of the traditional five–power–law
for metal creep. For zircaloy–2 and zircaloy–4 these were shown to be n=4.8 and n=5 respectively.
The temperature dependence takes the general form of
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(a) (b)
Figure 3.8: (a) Out–of reactor creep rate for Zr–2.5Nb fuel cladding against stress. By increasing
the temperature the transition to a higher stress exponent that is indicative of the transition from
Nabarro-Herring or Coble to climb assisted dislocation creep is achieved at lower stresses. This is
because at higher temperatures dislocations are free to move. (b) Diffusion compensated steady–state
creep rate against its corresponding modulus compensated stress for zirconium. Three regions of
stress exponents are evident. At low stresses n ≈ 1.1 indicating that the diffusional Nabarro-Herring
or Coble creep takes place. At higher stresses n ≈ 6.4 indicating that dislocation climb takes place.
Plots taken from Hayes, Kassner and Rosen [95].
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ε˙e = Be
(−Q
RT
)
(3.39)
where B is a material constant, R is the gas constant [JK−1mol−1], T is the absolute temperature [K]
and Q is the activation energy [Jmol−1]. The latter can be determined by observing the strain rate at
various temperatures under a constant load. Holmes was one of the first to examine the temperature
and stress dependence of the activation energy for zircaloy–2 in the temperature and stress range of
323−773 [K] and 138−207 [MPa] respectively [96]. He found that above a critical temperature, which
increased with applied stress, the activation energy increased from 84 to 243 [JK−1mol−1] after which
it remained fairly constant. As the activation energy resembles the self diffusion activation energy of
zircaloy–2 it has been suggested that creep within that range is dislocation–climb controlled.
It becomes apparent that the most general uniaxial form of creep rate ε˙e, given by Dorn [97] in
1955 is expressed as
ε˙e = Aoe
(−Q
RT
)(
σ
G
)n
(3.40)
where:
Ao is a metallurgical and deformation mechanism factor
Q is the activation energy[Jmol−1]
R is the molar gas constant activation temperature [K]
σ is the applied stress [Pa]
G is the shear modulus [Pa]
n is the stress exponent
It should also be noted that creep strain deformation is highly empirical and microstructural
changes, such as those arising from irradiation damage, influence its form. It has been observed that
thermal creep resistance increases with irradiation damage [73] as at 12Tm irradiation and thermal
creep are known to interact with each other. For simplicity reasons this effect is ignored and will not
be studied here.
3.3.5 Irradiation-induced creep
Irradiation creep is a function of the fast neutron flux and it causes non-uniform deformation and
swelling of the material. This type of creep is the main contributor of creep strain during nominal
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PWR conditions and is a very complex material-dependent phenomenon [98].
Many mechanisms contribute to irradiation-induced creep, but the two most dominant ones are
stress-induced-preferential-absorption (SIPA) and dislocation climb and glide.
Dislocation climb and glide takes place due to irradiation damage that results in an increased
number of point defects present in the material. This increases the number of interstitials which form
favourable stress fields for dislocations to climb and consequently glide [99].
The SIPA mechanism assumes a bias in the motion of vacancies and self-interstitial atoms to
dislocations. This motion bias is a function of the dislocation’s Burger’s vector with respect to the
applied stress and leads to point-defect-assisted diclocation climb. The capture radius of vacancies
and interstitial atoms to dislocation cores is modified in order to take into account the modulus of
interaction between the dislocations and point defects. It results in creep strain that is linear in stress
and irradiating flux and is rather insensitive to material properties and temperature.
Irradiation growth is a result of the redistribution of lattice atoms that have been displaced by
neutrons. Irradiation causes the formation of an equal amount of vacancies and interstitials which far
exceed the thermal equilibrium values. The contribution of interstitial migration to the sinks is no
longer a negligible effect as their precipitation can be anisotropic due to the texture of the zirconium
alloys [100]. In a CANDU reactor, an elongation of up to 5 cm of the reactor pressure tubes during
the lifetime of the reactor is possible [101] and is accommodated for in pin design.
Microstructure (grain size and shape), crystallographic texture and dislocation density have an
important effect on irradiation creep and growth [102]. Since microstructure varies with fabrication
and chemical composition, it is important to understand the mechanisms that take place and be able
to predict microstructure’s impact on creep such that clever manufacturing can help control these
mechanisms.
3.3.6 Anisotropy in creep
The large difference in the yield strength along the principal directions of textured zirconium alloys
which had been observed in relation to in–reactor deformation [103] lead to the search for an analogous
behaviour in creep strain. As discussed before, deformation anisotropy is an expected result of the
inherent anisotropy of hcp zirconium single crystals which due to the manufactured cladding texture
leads to its macroscopic observation.
Single crystal deformation anisotropy was recently examined by Gong and Wilkinson [53] who
tested single hcp α-titanium, that is known to deform in a similar fashion as zirconium. They il-
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Figure 3.9: The three experimentally observed slip systems for hcp crystals. (a) 〈a〉 on the basal
plane, 〈112¯0〉 {0001}. (b) 〈a〉 on the prismatic plane, 〈112¯0〉 {101¯0}. (c) 〈c+ a〉 on the pyramidal
plane, 〈112¯3〉 {101¯1}.
lustrated that only three slip systems on three glide planes are experimentally observed as seen in
Figure 3.9. These are, in order of increasing CRSS, the prismatic 〈a〉 slip system {101¯0} 〈112¯0〉 fol-
lowed by the basal 〈a〉 slip system {0002} 〈112¯0〉 and the pyramidal 〈a+ c〉 of {101¯1} 〈11¯23〉 slip
system. Deformation along the harder c-axis between the temperatures of 78-800 K takes the form of
twinning.
Studies done on polycrystalline zirconium alloys have shown that manufacturing treatments, be-
yond the ‘tubing mechanism’ play an important role in the resulting creep anisotropy. Cold worked
zircaloy-2 sheets cut from a single specimen and known texture were tested in all three principle
directions at various temperatures. It was found that texture was only significant above a criti-
cal temperature of 250 ◦C and it illustrated that particular heat-treatments and stress-temperature
regimes exists for which the material behaves in an isotropic fashion [104] whereas cold work is known
to lead to anisotropic effects [105]. Stehle [106] has shown that steady state creep is minimised for
moderately stressed relieved zircaloy-4 and that tensile and compressive creep strain rates vary, and
Lucas and Pelloux [107] have shown that the creep loci, defined as the set of points in stress space
corresponding to the stress state which produces some defined level of strain rate or plastic work rate
in the material of interest, are non-symmetric concave surfaces.
The microstructure of the alloy also plays a significant role in creep deformation. Murty Tanikella
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and Earthman [108] have shown differences in the creep behaviour of columnar and equiaxed grain
shaped zircaloy-4 tubes under internal pressurisation and loading in the axial direction. They suggested
that this is due to anisotropic grain boundary sliding of columnar grains leading to stress enhancement
in the circumferential direction.
Anisotropic creep can potentially lead to dimensional changes of the cladding tube which need
to be accounted for in reactor design, as recognised by Franklin and Franz [109]. Lucas and Bement
[110] have shown that if the stress differential, defined as the uniaxial compressive and tensile yield
strength of a material is incorporated within the creep calculations for the cladding, the predicted creep
collapse within a PWR can increase by a factor of two. In addition, it has been previously suggested
by Ross-Ross and Hunt [111] that a mathematical treatment of anisotropic creep is necessary. Here,
Hill’s anisotropic potential is used to compute thermal and irradiation creep strain deformation.
3.4 Conclusion
Plastic creep strain deformation can be divided into three components: thermal and irradiation creep
and irradiation growth. The two former creep strain components are complex diffusional processes
which are currently only empirically determined, and form a crucial part of the cladding physical
behavioural profile that determines, in part, the structural integrity of the tube and needs to be
incorporated in PCI predictive models. Hill’s anisotropic potential will be used to examine thermal
and irradiation creep strain deformation through the Abaqus subroutine environment in Chapter 4.
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Chapter 4
Anisotropic Creep Implementation
Finite element simulations were carried out using the finite element software Abaqus CAE. Isotropic
and anisotropic creep tests were implemented on a single element through the use of subroutines,
which allow for user-defined material behaviour to be incorporated into the model. Here the CREEP
subroutine was used on a simple axisymmetric element under constant uniaxial stress conditions and
constant temperatures. Isotropic and anisotropic creep strain-rate effects were studied using Hill’s
anisotropic potential and the results were used to relate Hill’s anisotropic constants with single crystal
orientation.
4.1 Creep model
Many thermal and irradiation-induced creep models have been developed for zirconium alloys. The
thermal creep model of zircaloy-2 and zircaloy-4 that has been rigorously examined by Hayes and
Kassner [112] and used by Williamson [99] was applied here. The secondary thermal creep used fits
the five–power–law and is given by
ε˙the = Ae−Q/RT
(
σe
G
)n
(4.1)
where:
• ε˙the is the effective thermal creep strain rate [s−1]
• A is a material-dependent deformation factor
• Q is the activation energy [Jmol−1]
• R is the molar gas constant [Jmol−1K−1]
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• T is the temperature [K]
• σe is the effective von Mises stress [Pa]
• G is the temperature-dependent shear modulus given in [113] as
G = (4.2519× 1010)− T × (2.2185× 107) [Pa] (4.2)
• n is the material-dependent stress exponent
The empirical irradiation-induced effective creep model of cladding materials developed by Hoope
[114] and used by Williamson, that relates the fast neutron flux and stress with the creep rate was
implemented here. This is described by
ε˙ire = C0ΦC1(σe)C2 (4.3)
where:
• ε˙ire is the irradiation creep strain rate [s−1]
• C0, C1 and C2 are material constants
• Φ is the fast neutron flux taken to be 9.5× 1017 [nm−2s−1]
• σe is the effective stress [MPa]
Table 4.1 gives a summary of the material constants used.
The two creep contributions are assumed to be independent and hence the total effective creep is
ε˙totale = ε˙the + ε˙ire . (4.4)
An analytical comparison between the thermal and irradiation creep strain components illustrates
that, due to the thermal creep’s temperature-dependent exponential term, thermal creep becomes
the dominant strain rate term at nominal stresses after the critical temperature of 650 K as seen in
Figure 4.1.
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Material Constant Value Reference
Thermal creep
A 3.14× 1024 s−1 [99]
Q 270,000 Jmol−1 [112]
n 5 [112]
Irradiation-induced creep
C0 9.881× 10−28 [115]
C1 0.85 [115]
C2 1.0 [115]
Table 4.1: Thermal and irradiation-induced creep material constants used.
4.2 Hill’s anisotropic potential definition
The above creep relationships were implemented in Abaqus via the use of the CREEP subroutine in
an axisymmetric 21/2-D model. The work presented here was henceforth carried out in cylindrical
polar coordinates and the general orthogonal curvilinear coordinates {1, 2, 3} correspond to {r, z, θ}.
In Abaqus, the form of Hill’s anisotropic potential, previously referred to as f(σij) (see equation 3.27),
is used to define the effective stress q˜() in the anisotropic creep law .
Equation (3.27) took the form
q˜() =
[
F (σzz − σθθ)2 +G(σθθ − σrr)2 +H(σrr − σzz)2+
2Lσ2zθ + 2Mσ2θr + 2Nσ2rz
]1/2
,
(4.5)
and Hill’s anisotropy parameters F,G,H,L,M and N were expressed in terms of user-defined ratios
Rij :
Rrr =
σrr
q˜
Rzθ =
σzθ
q˜/
√
3
Rzz =
σzz
q˜
Rrθ =
σrθ
q˜/
√
3
Rθθ =
σθθ
q˜
Rrz =
σrz
q˜/
√
3
(4.6)
where q˜ is the uniaxial effective stress found in the creep law.
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Figure 4.1: Total creep rate calculated at constant stress (50 MPa) for the two different fast neutron
irradiation flux of 0.5 and 1.0× 1018[nm−2s−1].The thermal creep contribution becomes dominant at
a temperature T ≥ 650 K.
The anisotropy parameters as function of the user-defined ratios are:
F = 12
( 1
R2zz
+ 1
R2θθ
− 1
R2rr
)
L = 32R2zθ
G = 12
( 1
R2θθ
+ 1
R2rr
− 1
R2zz
)
M = 32R2rθ
H = 12
( 1
R2rr
+ 1
R2zz
− 1
R2θθ
)
N = 32R2rz
(4.7)
Since Hill’s constants are experimentally determined, it is useful to define the ratios in terms of the
anisotropy parameters such that:
Rrr =
1√
G+H
Rzθ =
√
3
2L
Rzz =
1√
F +H
Rrθ =
√
3
2M
Rθθ =
1√
F +G
Rrz =
√
3
2N
(4.8)
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For isotropy to be restored the ratios Rij are set to unity, which in turn results in
F = G = H = 1/2, L =M = N = 3/2. (4.9)
and consequently Hill’s anisotropic potential stress takes the familiar isotropic form
q˜() = 1√
2
[
(σzz − σθθ)2 + (σθθ − σrr)2 + (σrr − σzz)2 + 6(σ2zθ + σ2θr + σ2rz)
]1/2
, (4.10)
that is in agreement with the definition of the von Mises stress.
4.3 Axisymmetry constraints
It is crucial that the material properties and anisotropy comply with the restrictions imposed by the
axisymmetric nature of the model, and hence the required rotational symmetry of anisotropy about
the z-axes was examined.
Evidently, for rotationally symmetric anisotropy, the form of equation (3.27) must be invariant for
any arbitrary axes of reference or in this case for any rotation about the z-axis.
This was done by taking advantage of the tensorial form of stress together with the relationship
between rectangular and polar coordinates as previously done by Hill [66]. The most general form of
Hill’s anisotropic potential is assumed in rectangular-Cartesian coordinates and it is clear to see that
the potential can be written as:
q˜() =
[
σ2xx(H +G) + σ2yy(F +G) + σ2zz(F +H)− 2σzz(Hσxx + Fσyy)
−2Gσxxσyy + 2(Lσ2zy +Mσ2xy +Nσ2xz)
]
.
(4.11)
An orthogonal transformation of the stress tensor about the z-axis by an arbitrary angle θ about the
x-axis to another arbitrary rectangular-Cartesian axes (η, ξ, z) where the origins coincide is described
by
0 = RRT (4.12)
where R and RT are the rotation transformation matrix and its transpose respectively given by:
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R =

cos θ − sin θ 0
sin θ cos θ 0
0 0 1
 and R0 =

cos θ sin θ 0
− sin θ cos θ 0
0 0 1
 (4.13)
Thus, in the new coordinate system the stress components transform according to
σηη = σxx cos2 θ + σyy sin2 θ + 2σxy sin θ cos θ σχχ = σzz
σξξ = σxx sin2 θ + σyy cos2 θ − 2σxy sin θ cos θ σξχ = σyz cos θ − σxz sin θ
σηξ = (σy − σx) sin θ cos θ + σxy(cos2 θ − sin2 θ) σηχ = σyz sin θ + σzx cos θ
(4.14)
To ensure the invariance of equation (4.11) about the z-axes, the coefficients of stress in the rotated
(η, ξ, χ) system must be equal to starting ones in the (x, y, z) system. Therefore the coefficients of σχ
need to be equal to −2(Hσxx + Fσyy), leading to F = H. Moreover, since the coefficients of σηησηξ
and −σξξσηξ given by
4(F + 2H −M) sin θ cos θ(cos2 θ − sin2 θ). (4.15)
are to vanish for all θ, F + 2H −M = 0. In addition the term σηχσξχ vanishes only if L = N .
Therefore, the necessary and sufficient conditions for rotationally symmetric anisotropy are:
F = H L = N F + 2H =M (4.16)
and Hill’s anisotropic potential for rotational symmetry is as
q˜() =
[
F
(
(σzz − σθθ)2 + (σrr − σzz)2
)
+G(σθθ − σrr)2+
2L(σ2zθ + σ2θr) + 2Mσ2rz
]1/2
.
(4.17)
The anisotropy defining ratios for a rotationally symmetric anisotropy are given by:
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Rrr = Rθθ =
1√
G+ F
Rzz =
1√
2F
Rrz = Rzθ =
√
3
2N Rrθ =
√
3
2(F + 2G)
(4.18)
In addition, by examining the stress equilibrium equation
∂σrr
∂r
+ σrr − σθθ
r
= 0 (4.19)
and noticing that for the most general case when σrr 6= 0 a solution can exists for all r only if σrr = σθθ.
By also noting that the application of the normality hypothesis
∆ε = ∆λ ∂q
∂
(4.20)
where q is Hill’s anisotropy potential leads to
∂q
∂
=

∂q/∂σrr
∂q/∂σzz
∂q/∂σθθ
 =
1
q

H(σrr − σzz)−G(σθθ − σrr)
F (σzz − σθθ)−H(σrr − σzz)
G(σθθ − σrr)− F (σzz − σθθ)
 (4.21)
it becomes clear that
∆εrr = ∆εθθ. (4.22)
The rotationally symmetric material examined here can only exhibit transverse anisotropy about
the z axes as the material response is invariant to any rotations about that axes. Whereas this
type of anisotropy is not wholly representative of real zirconium alloy textures, a closer look at the
experimentally determined Hill’s anisotropy factors given in Table 3.1 illustrates that for some tested
metals |F −H| < |F − G|, |H −G| and the approximation is valid. However, detailed application of
real Hill textures goes beyond the scope of this work and the approximations made here should suffice.
4.4 Uniaxial loading case
A simple uniaxial test case was carried out in order to examine the implementation of anisotropic
creep strain by loading along the z-direction such that:
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σzz 6= 0
σrr = σθθ = 0.
(4.23)
The associated Hill’s anisotropic potential for the uniaxial case was
q˜() =
[
2Fσ2zz
]1/2 (4.24)
and the associated individual strains rates given in equation (3.28) (which are equivalent to Odqvist’s
flow rule show as seen in equation 3.31) were:
ε˙rr = λ˙
1
f
(−H)σzz
ε˙zz = λ˙
1
f
(F +H)σzz
ε˙θθ = λ˙
1
f
(−F )σzz.
(4.25)
4.4.1 Derivation of the plastic strain increment multiplier
For a complete calculation of the individual creep strain rates for the simple uniaxial rotationally
symmetric anisotropic case, the plastic strain increment multiplier needs to be derived. It is easily
proved that for an isotropic material, the plastic multiplier is simply equal to the effective plastic
strain.
In this case the effective plastic strain is:
dεe =
[2
3d"
cr : d"cr
]1/2
=
√
2
3

dε11 0 0
0 dε22 0
0 0 dε33
 :

dε11 0 0
0 dε22 0
0 0 dε33

=
√
2F λ
(4.26)
where we have used the strain-increment relationships derived in equation (3.28).
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4.4.2 Creep routine implementation
Here, CREEP is used with an implicit integration scheme to model axisymmetric anisotropic creep
behaviour.
At first, the simple power law creep strain subroutine given as
ε˙e = Kσne . (4.27)
where n is the stress exponent and K is the temperature dependent factor
K = Ae−Q/RTG−n, (4.28)
such that the equation (4.27) corresponds to the thermal creep rate at constant temperature was writ-
ten and tested, prior to implementing the thermal and irradiation-induced subroutines as illustrated
in equations (4.1) and (4.3) respectively.
The stress exponent n = 5 was chosen in order to comply with the metal five–power creep law
and the effective stress σe is a variable passed in the subroutine, labelled as QTILD. Validation tests
were carried out by choosing values of K that correspond to specific thermal creep temperatures.
Three tests assuming a mean cladding temperature of Tmean = 613 K were carried out under the
uniaxially applied loads of 1 GPa, 550 MPa and 100 MPa. These values which have been reported
in the literature to be within the same order of magnitude as the maximum and minimum effective
stresses experienced by the cladding after contact with the pellet is established [99]. Further tests
were carried out at the constant stress of 1 GPa whilst the temperature varied from Thigh to Tlow as
summarised in Table 4.2.
Temperature Value [31] Assumptions Thermal creep constant
K [s−1Pa−1]
Tlow
Clad-coolant are in contact
500 K and in thermal equilibrium. This is 6.37× 10−57
the average temperature of the coolant
Tmean 613 K − 1.55× 10−51
Thigh
Pellet and inner surface of clad are
773 K in contact and in thermal equilibrium. 1.72× 10−46
Linear power of 270 W/cm.
Table 4.2: Temperatures and the corresponding thermal creep constant used to obtain the maximum
and minimum cladding creep strain under constant stress.
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Parameter Definition Value
DECRA(1) Effective creep strain rate ∆ε˜cr
∆ε˜cr=∆εii=AσNe ∆t
DECRA(1)=A×QTILDXN ×DTIME
DECRA(2) Metal creep strain
∂∆ε˜cr/∂ε˜cr=0
hardening parameter DECRA(2)=0
DECRA(3) Metal creep’s swelling dependence
∂∆ε˜cr/∂ε˜sw=0
DECRA(3)=0
DECRA(4) Metal creep ∂∆ε˜cr/∂p where
∂∆ε˜cr/∂p=0
p = −1/3(σ11 + σ22 + σ33) DECRA(4)=0
DECRA(4) Metal creep strain increment variation
∂∆ε˜cr/∂q˜=ANσN−1e ∆t
with respect to the effective stress DECRA(5)=DECRA(1)×N/QTILD
Table 4.3: A summary of the parameters used to define creep as requested in the Abaqus manual
[116].
A number of parameters are requested by the subroutine, depending on whether the analysis is
explicit or implicit. For the implicit creep integration, carried out here, the parameters requested by
the CREEP subroutine are summarised in Table 4.3.
4.4.3 Representative single crystal responses
Even though the examined anisotropies have to comply with rotational symmetry, Hill’s anisotropic
parameters G, F and H are empirically determined values which always appear as strain ratios in
mechanical longitudinal tensile, open and closed end burst tests [62]. The derived relationships allow
one to relate the parameters to each other and the resulting general equations are:
Longitudinal tensile tests, σr = σθ = 0
(
εθ
εz
)
= −F
F +H (4.29)
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Open end burst tests, σr = σz = 0 (
εθ
εz
)
= −F +G
F
(4.30)
Closed end burst tests, σr = 0, 2σz = σθ
(
εθ
εz
)
= F + 2G
H + F (4.31)
Since only two of the three equations are independent, an additional constraining equation relating
them is necessary in order to fix the anisotropy extrema. Backofen, Hosford and Burke [60] on their
investigation on hardening via texture suggested that, due to the symmetry of the system they studied,
there are only two independent parameters R and P given by:
R = F
G
P = F
H
. (4.32)
This approach was followed by Dumcombe [117] who stated that
F +H = 1. (4.33)
Here, the approach used by Ross-Ross et al [118] who suggested that since for an isotropic material
F = G = H = 1/2, the arbitrary condition should be:
F +H +G = 1.5 (4.34)
was followed. For the purposes of a rotationally symmetric body the above relationship reduces to
2F +G = 1.5. (4.35)
The condition set by Dumcombe and Ross-Ross are identical for an isotropic body, but would lead
to different results for a fully anisotropic body. For the rotationally symmetric body studied here, it
is necessary to use the latter.
Hill’s anisotropy is therefore quantified by varying the values of G such that 0 ≤ G < 1.45 while
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Figure 4.2: (a) Axisymmetric finite element model. The boundary conditions and pressure load Pload
are clearly labelled. (b) The time history of the pressure load Pload. For the first 10 seconds it is
ramped up linearly to a varying stress load σ after which it is held constant for an equal amount of
time.
0.75 ≥ F,H > 0.05. The limiting case where F = H = 0, G = 1.5 is, due to the axisymmetry
constraints, not physical as the creep potential takes the form
f(σij) = G(σθθ − σrr)2 (4.36)
and the strain increments with respect to z are undefined. The results are shown in Table 4.4.
4.4.4 Problem statement
A single element axisymmetric model was constructed in order to examine single-crystal responses
as depicted in Figure 4.2 (a). Two boundary conditions were set: one along the r = 0 plane (z-
axes) where the displacements along the r direction together with any rotations about the z and
θ axes were restricted, and one along the z = 0 plane (r-axes) where the displacements along the
z direction together with any rotations about r and θ axes were restricted. The 4-node thermally
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coupled axisymmetric quadrilateral bilinear displacement and temperature (CAX4RT) element was
used with a reduced integration scheme. The element chosen has no twist, thus σθr = σθz = 0. The
boundary conditions imposed force σrz 6= 0.
An implicit analysis was carried out in two steps. Initially a pressure load was increased linearly
for 10 seconds until it reach the requested stress value after which is was kept stable for another 10
seconds. The material response for the first part was elastic followed by plastic response for the second
part where the CREEP subroutine was employed.
An elastic modulus of Y = 88 GPa and a Poisson ratio of ν = 0.34 that are characteristic of
zirconium were chosen.
4.5 Validation
Tests were carried our on an isotropic single element under the three uniaxial ramped and then held
stress loads of σ1=100 MPa, σ2=550 MPa and σ3=1 GPa as seen in Figure 4.3 (a). During the fist
step that consists of the first 10 seconds the material response was elastic and the Young’s modulus
Y = 88 GPa and Poisson ratio ν = 0.34 were chosen.
For the second step characterised by the plateau in the applied stress, the CREEP subroutine was
implemented and the simple power creep law given by
ε˙e = Kσne (4.37)
was applied,where n and K are material parameters summarised in Table 4.2.
For the mean cladding temperature of Tmean=613 K and the loading stress of σ3=1 GPa the same
test was repeated for a varying anisotropy, achieved through the use of the ∗POTENTIAL command
that allows the user to define Hill’s anisotropy parameters through specified ratios seen in equation
(4.8). Anisotropy was defined by varying the value of F , summarised in Table 4.4.
The simulation results for the individual creep strain components as well as the effective creep
strain rates were compared with the analytical creep strain constitutive equation as stated in the
Abaqus manual. That is, in the absence of swelling, the creep strain increment is defined in the same
manner as formulated by Odqvist’s flow rule seen in equation (3.31) such that:
∆"cr = ∆εcre n (4.38)
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where ∆εcre is the effective creep strain as seen in equation (4.37) and n is given by
n = ∂q
∂
. (4.39)
If the above is compared with the definition of the plastic creep strain increments as derived from
the normality hypothesis
∆"cr = ∆λ ∂f
∂
(4.40)
it becomes clear that the plastic multiplier increment is equal to the effective creep strain increment,
∆λ = Kσne∆t. (4.41)
The creep strain rate components can be written in full in Voigt notation as:

∆εcrrr
∆εcrzz
∆εcrθθ
∆εcrzθ
∆εcrrθ
∆εcrrz

= K
(√
2F
)n−1
σn0∆t

−F
2F
−F
0
0
0

(4.42)
where σ0 is the uniaxial stress applied. Using the above constitutive relationship the creep strain
components were calculated and were found to be in agreement with the simulation results. Table 4.4
summarises the analytical results. Figures 4.3 (b)-(c) summarise the results obtained for the isotropic
case examined. The analytical and computed results were in agreement, and as expected, both obey
the incompressibility condition. Figure 4.3 (d) illustrates the analytical and computed results for two
extreme anisotropies of F=0.75 and F=0.05 together with the isotropic case where F=0.5. As expected
the creep strain rate was uniform and in addition it is clear that when F takes its maximum and
minimum value, the material exhibits its lowest and highest creep deformation resistance respectively.
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Figure 4.3: (a) Three differing uniaxial loads applied. The stresses are ramped up for the initial elastic
step, after which they are held constant. (b) The isotropic effective creep strain with time for the
three stress cases. (c) The isotropic effective creep strain with time for three differing temperatures
at the constant stress of 1 GPa. (d) The effective creep strain with time for the two extreme cases of
anisotropy contrasted with the isotropic case. The analytical and computed solutions for the above
results are in agreement. One computed point in twenty is shown.
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Hill’s anisotropy parameters Calculated creep strain values [×10−6]
Orientation F=H G L=N M=F+2G "rr="zz "θθ Effective creep, "e
c
0.75 0 1.5 0.75 -2.07 4.14 3.38
0.7 0.1 1.5 0.9 -1.93 3.87 3.27
0.65 0.2 1.5 1.05 -1.80 3.59 3.15
0.6 0.3 1.5 1.2 -1.66 3.32 3.03
0.55 0.4 1.5 1.35 -1.52 3.04 2.90
Isotropic 0.5 0.5 1.5 1.5 -1.38 2.76 2.76
0.45 0.6 1.5 1.65 -1.24 2.49 2.62
0.4 0.7 1.5 1.8 -1.11 2.21 2.47
0.35 0.8 1.5 1.95 -0.967 1.93 2.31
0.3 0.9 1.5 2.1 -0.829 1.66 2.14
0.25 1.0 1.5 2.25 -0.691 1.38 1.95
0.2 1.1 1.5 2.4 -0.553 1.11 1.75
c 0.15 1.2 1.5 2.55 -0.414 0.829 1.51
0.1 1.3 1.5 2.7 -2.76 0.553 1.24
0.05 1.4 1.5 2.85 0.138 0.276 0.874
Table 4.4: Summary of the varying anisotropies and the subsequent creep strains obtained. εrr, εzz
and εzz correspond to the total component creep strain and εe corresponds to the total effective creep
strain ∆ε¯cr at t=20s .
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4.6 Crystal orientation discussion
Since the Kearns factors, described in Section 4.1, are a measure of average pole orientation in a
specified direction, as the texture of a polycrystalline material approaches a maximum and the material
is said to have a high degree of anisotropy, a high percentage of poles are aligned in approximately
the same direction. Assuming internal stress homogeneity and slip system scalability, the texture of
a polycrystalline material can thus can be approximated as a single crystal whose pole lies along the
same direction.
As mentioned earlier, zirconium belongs to hexagonal closed-packed (hcp) family of crystals and
thus has a complex non symmetric deformation mechanisms where twinning competes with glide.
Overall on the single crystal level, four types of slip systems in three glide planes have been reported
for hcp crystals:
• 〈a〉 slip on the basal plane 〈112¯0〉 {0001},
• 〈a〉 slip on the prismatic plane 〈112¯0〉 {101¯0},
• 〈a〉 slip on the pyramidal plane and 〈112¯0〉 {101¯1},
• 〈c+ a〉 slip on the pyramidal plane 〈112¯3〉 {101¯1}
where the second bracket denotes the family of slip direction and the third the family of slip planes.
Figure 4.4 gives a schematic representation of the hcp slip plane systems. The transition metal has
c/a ≤ √3 indicating that the prismatic rather than basal planes are more densely packed and hence,
according to the Peierls-Nabarro model [54][55], prismatic rather than basal slip is more favourable
[56] owing to the shorter Burger’s vector for that mode of deformation. This is in agreement with the
experimental results of Gong and Wilkinson [53] on the plastic flow of single crystal hcp α titanium,
where the critical resolved shear stress (CRSS) of 〈c+ a〉 slip on first order pyramidal planes and
〈a〉 slip on the basal planes are 2.6 and 15% higher than 〈a〉 slip on the prismatic planes. 〈a〉 on the
pyramidal planes has not been experimentally quantified and will be ignored for the purposes here.
By considering the single crystal slip mechanics in conjunction with the polycrystalline texture
values for zirconium alloys, a number of conclusions can be drawn. To begin with, as Kearns factors
are indicative of the fraction of poles orientated in the direction observed, the more the factors deviate
from 1/3, the less pronounced texture becomes in the observed direction, with the highest value
reflecting the direction where the largest fraction of poles is aligned with.
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It is therefore clear from Table 3.1 that there is strong anisotropy in the radial direction as
fr > fl, ft. This is expected as manufacturing deformation texture is introduced during the tub-
ing mechanism, which forces the c-axes of the polycrystalline alloy to align with the radial direction.
Furthermore, since Hill’s potential function is an extension of the von Mises’s yield criterion, the
effective stress under uniaxial loading in the z-direction can be thought of as the yield stress for the
initiation of creep deformation, where the definition of creep is used in its loose sense as it does not
require the existence of a yield criterion. This is expressed as
σe =
√
2F σ0 = σy (4.43)
where σy is the yield stress. Thus a higher value of F leads to a higher effective stress σe and as the
effective creep strain rate is given by
dε˜cr
dt
= Kσne , (4.44)
a higher effective creep strain within a given time is expected. In fact,
dε˜cr
dt
∝ Fn/2. (4.45)
Conversely a lower value of F leads to a material with an increased creep-resistance.
Under the single crystal assumption, we thus expect the loading configuration favourable for
〈a+ c〉 pyramidal slip to be more resistant to creep strain deformation when compared to a con-
figuration that would favour prismatic slip, owing to the higher CRSS slip for pyramidal slip.
A high value of F hence physically translates to a high radial texture where the poles are aligned
along the radial direction, as that configuration allows for non-trivial resolved shear stresses on the
prismatic planes. When F takes its maximum value, the radial texture is at its peak. A low value of
F , and consequently a high value of G, translates to a configuration where the poles are aligned along
the loading z direction and the 〈c+ a〉 pyramidal slip system is activated.
As F approaches the value corresponding to isotropic material behaviour from its higher extrema,
the radial texture weakens and when F = G = H = 1/2 the material behaviour is isotropic. As F
decreases further towards its lower extrema, axial texture strengthens. Figure 4.4 illustrates these
scenarios.
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Figure 4.4: (a) This schematic illustrates radial anisotropy where the poles are aligned along the
radial direction shown for the plane θ=0. (b) A cross section of a PWR pin with radial anisotropy.
These scenarios correspond to a high value of F . (c) This schematic illustrates axial anisotropy where
the poles are aligned along the z-axes shown for the plane θ=0. (d) A cross section of a PWR pin
with axial anisotropy where the poles can be visualised as pointing out of the page. These scenarios
correspond to a low value of F .
4.7 Conclusion
The implementation of rotationally symmetric isotropic and anisotropic creep strain deformation on
axisymmetric single elements under uniaxial loading in z-direction over the range of 100 MPa-1 GPa
has been succesful and the creep constitutive relation and the computed results are in agreement. This
was done using the closed source software Abaqus which allows for the implementation of creep strain
laws through the use of user-defined subroutines, giving the user a greater flexibility. In addition, the
use of *POTENTIAL command is a straightforward means to the application of anisotropy through
the Hill potential. However, due to the rotational symmetry of the 2D model, only transversely
anisotropic material behaviour can be examined which nevertheless suffices for the purposes of this
work.
Three differing textures will be implemented into the axisymmetric thermo-mechanical-elastic fuel
pin model developed in Chapter 5 in order to examine whether changing anisotropic cladding behaviour
has any impact on the resulting stress distribution of a pin under nominal operating conditions and if
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so, study their extent in more detail.The textures examined will be:
• High axial pole alignment such that F =H=0.05, G=1.4.
• Isotropy, such that the poles are randomly distributed and hence F =H=G=1/2
• High radial pole alignment, such that F =H=0.75, G=0
By choosing the extreme values of radial and axial texture the impact on the fuel pin system of the two
extreme cases can be examined. The FE package Abaqus offers a platform for the easy implementation
of anisotropic creep strain deformation and will therefore be used for the following studies.
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Chapter 5
Thermo-mechanical-elastic pin model
The aim of this study was to construct a simple axisymmetric pellet-cladding pin model in order
to assess the influence of the various material parameters and gap conductance on the temperature
profile of the pin and to evaluate the cladding stress changes once contact has been established. A
gap conductance model that describes the heat transfer from the pellet to the cladding for both an
open and a closed gap was used. The chosen ramping conditions consisted of a linear increase (5%
per hour) to 100% over 20h as recommended in [119].
The end goal was the development of a functional model that can later accommodate the integration
of textured cladding creep plasticity (Chapter 5).
5.1 Problem description
A 21/2-D axisymmetry pin-cladding model was constructed using the Abaqus/CAE v11.2 sketch envi-
ronment. Initially, a simplified trial geometry was used, consisting only of a single perfectly cylindrical
pellet placed inside the cladding such that only the top section of the pin was modelled, saving compu-
tational time. The simplified geometry was maintained with the employed materials properties until
the gap conductance model was in working order; the gap conductance introduced high non-linearity
and was very sensitive to both the material parameters used and the manner of which it is defined.
The geometry was then modified to reflect the industrial specifications required to minimise
cladding sheath stresses [120] by having pellets with chamfered edges and a double dish void at
the top and bottom as illustrated in Figure 5.1.
A coupled temperature-displacement analysis was chosen as it allows for the simultaneous solution
of both the temperature and stress-displacement field. The torsionless 4-noded axisymmetric thermally
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Figure 5.1: (a)-(b) A schematic of the axisymmetric pellet-cladding pin geometry and mesh used
constructed at the θ = 0 plane. (c) The pressure load and boundary conditions applied. A pressure
of 13.5 MPa was applied along the external cladding wall and two boundary conditions were applied
applied, illustrated by the red dotted lines, in order to prevent axial and radial displacements uz,r as
well as any rotations around the principal axes Rr,z,θ as shown above.
coupled quadrilateral, bilinear displacement and temperature CAX4T elements were used.
In order to model the external coolant pressure Pc and initial pin gas pressure Pg, typically 15.5
MPa and 2.0 MPa respectively, a uniform resultant pressure Pext of 13.5 MPa, given as
Pext = Pc − Pg (5.1)
was applied on the external cladding wall as seen in Figure 5.1 (c). This load was applied in step-1
and was thereafter held constant thus assuming a constant internal gas pressure.
The thermal load, arising from pellet fission, follows the recommended reactor start-up path as
reported in [119] and is applied to the pellets during Step-2 and held constant throughout Step-3. The
reactor power value is commonly expressed in industry in terms of linear power [Wm−1] and here the
necessary conversion to power density [Wm−3] was carried out assuming a uniform pellet power and
a constant burnup and pellet radius, via
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Figure 5.2: Pressure and body heat flux with respect to simulation time.
Power density [Wm−3] = Linear Power [Wm
−1]
piR2 [m2] (5.2)
where R is the pellet radius [33]. The nominal power of 20 kWm−1 was applied. The applied
thermal and pressure load with respect to step time are illustrated in Figure 5.2. The system’s initial
temperature was set to 500 K.
5.2 Material properties
The UO2 pellets and zircaloy-4 clad were assigned physical material properties obtained from exper-
imental sources in the literature. A constant pellet Young’s modulus, Poisson’s ratio and thermal
expansion of 219 GPa, 0.345 and 1× 10−5 K−1 respectively were used, as stated in reference [33]. A
temperature-dependent conductivity and density as given in Ronchi [121] and a temperature depen-
dent specific heat capacity as stated in MATPRO [122], an extensive fuel and clad material property
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Material Property Pellet Value Source Clad Value Cite Unit
Conductivity f(T ) [121] 16.5 [125] Wm−1K−1
Density f(T ) [121] 6560 [125] kgm−3
Young’s modulus 219 [33] 63 [125] GPa
Poisson’s ratio 0.345 [33] 0.4 [123] -
Specific heat capacity f(T ) [122] 331 [122] JK−1
Expansion coefficient 1× 10−5 [33] - - K−1
Swelling rate 1× 10−6 - - - s−1
Table 5.1: A summary of the pellet and the clad material properties used. Appendix 8 summarises
the temperature dependent pellet material properties used.
library, were used. These relationships are given in Appendix A.
In order for the pellet-cladding gap to close the incorporation of pellet swelling due to gaseous
fission product build-up was necessary. This was approximated as an artificial constant swelling rate
of s=1× 10−6 s−1. No further examination of pellet swelling, that is a function of temperature and
fuel burnup, was carried out as it is beyond the scope of the work presented here.
The temperature dependent zircaloy-4 material properties were calculated using MATPRO at the
approximated average cladding temperature during nominal reactor operation of 600 K. The specific
heat capacity and thermal conductivity used are 331 JK−1kg−1 and 16.5 Wm−1K−1 respectively as
seen in reference [122]. A Poisson’s ratio of 0.4 [123] and a Young’s modulus given in MATPRO for a
random texture as
Eclad =
1.088× 1011 − 5.47× 107T +K1 +K2
K3 (5.3)
where K1, K2 and K3 are the necessary modifications accounting for the effect of oxidation, cold work
and fast neutron fluence respectively, were used. Here the effect of oxidation is ignored and the metal
is assumed to maintain the same oxygen level as when manufactured. A constant cladding density of
6560 kgm−3 was used [124]. Table 5.1 gives a summary of the system’s material properties.
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5.3 Boundary conditions and interactions
Two boundary conditions were applied in order to fix the pin’s location in space whilst maintaining
the problem’s axisymmetry, as seen in Figure 5.1 (c); no radial displacement was allowed along the
longitudinal r=0 axes, and equivalently, no axial displacement was allowed along z=0.
A surface film condition along the outer clad wall was used to define the convective heat transfer
q that takes place due to the temperature gradient that exists on the clad-coolant interface given by
q = h(θ − θo) (5.4)
where h is the surface film coefficient, set to 7500Wm−2K−1 [99], θ is the computed clad temperature
and θo is the coolant temperature, set to 500 K.
The pellet-pellet interface was bound together in the initial step using a tie constraint that binds
the pellets together and does not allow them to move apart. The pellet-clad gap was allowed to close
and come into contact via the use of interface modelling by pairing the outer pellet and inner clad
wall surfaces with a finite sliding contact potential. The tangential frictional behaviour which defines
the relationship between the normal and shear stresses transmitted across the interface, was modelled
using a penalty-style friction which allows some surface sliding prior to the surfaces sticking together.
The friction coefficient was set to 1, as suggested in reference [126]. The pressure p that is transmitted
across the interface can be described as:
p = 0 for tgap < 0 open gap
p > 0 for tgap = 0 closed gap
(5.5)
where tgap is the gap width. Once contact was established, separation was not allowed and any
node-node penetration was restricted.
5.4 Gap conductance
The heat conduction between the pellet and cladding surfaces across the gap was modelled as
q = h(θA − θB) (5.6)
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Material surface parameters Value Source
Fuel roughness 2 µm [99]
Clad roughness 1 µm [99]
Clad Meyer hardness 1 GPa [99]
Interface friction factor 1 [126]
Model parameters Value Source
Coolant pressure 15.5 MPa [99]
Fill gas pressure 2.0 MPa [99]
Coolant temperature 500 K [99]
Coolant convection coefficient 7500 Wm−2K−1 [99]
Linear power 20 kWm−1 [99]
Fast neutron flux 9.5× 1017 nm−2s−1 [99]
Table 5.2: A summary of the model’s surface parameters and operating conditions.
where q is the heat flux per unit area [Wm−2], h is the gap conductance [Wm−2K−1] and θA,B are the
corresponding temperatures [K] of the surfaces studied. This was carried out through the GAPCON
subroutine which allows the user to define a customisable conductance between contact surfaces and
is seen in Appendix 8. As mentioned in Section 1.2.2, the gap conductance is given as
hgap = hr + hg + hp (5.7)
where hgap is the total gap conductance, hr is the conductance due to the radiation emissivity, hg
is the gas conductance of the open gap, and hp is the added conductance due to solid-solid contact.
Since the radiative heat transfer becomes significant only at high temperatures, as in during accident
conditions, it will be omitted here.
The open gap conductance put forward by Ross and Stoute [34] was used, given as:
hg =
kg
dg + 1.5(Rf +Rc) + gf + gc
(5.8)
74
Figure 5.3: The radial path analysed.
where kg is the gas thermal conductivity [Wm−1K−1], dg the gap width [m], Rf and Rc the surface
roughness [m] of the fuel and the clad respectively, and gf and gc the jump distances [m] for the fuel
and the clad respectively. A constant concentration of helium gas was assumed and the temperature
dependent gas conductivity kg given in MATPRO as
kg = ATB (5.9)
where A = 2.639× 10−3 and B = 0.7085 are fitting parameters, was calculated.
The added conductance arising from pellet-clad contact was modelled using the relationship pro-
posed by Olander,
hp =
2kfkc
kf + kc
Pc
δ1/2H
(5.10)
where kf and kc are the fuel and clad thermal conductivities [Wm−1K−1] respectively which are
assumed to be constant, Pc is the pressure [Pa] exerted due to contact, δ is the gas film width [m]
and H the Meyer hardness [Pa] of the softer material taken from Williamson to be 1 GPa. Table 5.2
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summarises the surface material and model parameters used.
Figure 5.4: The temperature profile of pellet-pellet-cladding triple point at various histories.
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5.5 Results
In order to analyse temperature and stress fields both cross-sectional and radial profiles had to be
extracted from the model. Cross-sectional (r, z) profiles were straight forwardly obtained from the
axisymmetric model given that it is a direct pellet-cladding cross-section. Radial profiles were instead
extracted from a path illustrated in Figure 5.3.
As can be seen by the temperature contours of the pellet-pellet-cladding triple point shown at
various histories in Figure 5.4, the temperature increases with time as the body heat flux reaches its
maximum value. By the end of the simulation, when the body heat flux defined is constant, both
the outer pellet’s surface and the cladding temperatures plateau, whereas the centreline temperature
keeps increasing by a total of ∆T=37 K reaching the final temperature of 1110 K.
Prior to contact, the increasing body heat flux causes a non linear pellet temperature increase,
most prominent on the pellet surface, while the cladding experiences a linear temperature increase.
The outer surface of the pellet reaches a local maximum temperature of 592 K when the gap width is
14 µm following a drop of ∆T=6 K as the gap width closes, as seen in Figure 5.5 (a).
Radially, the temperature follows a parabolic drop, with a high centreline pellet temperature that
decreases along the pellet radius. The radial thermal gradient along the pellet increases with time; at
t=1h, a thermal gradient of 3 K/mm is observed which increases to 54 K/mm at t=12h.
Contact is achieved at 13h during which the pellet centreline and surface temperatures reach 830 K
and 586 K respectively and continue to increase in a linear fashion while the cladding’s inner and outer
surfaces reach 575 K and 558 K respectively and increase by 44 and 35 degrees respectively by t=40h.
The thermal gradient across the cladding increases from 22 K/mm before contact to 29 K/mm when
contact is established. The final radial pellet and cladding temperature gradients are 101 K/mm and
46 K/mm respectively.
The stress evolution of the radial σrr, circumferential σθθ, axial σzz and shear σrz components
are also examined on the inner and outer cladding walls, as seen in Figure 5.6 (a)-(d). The initial
radial stresses σrr on the inner and outer cladding wall are 0 MPa and -12.6 MPa respectively, where
convention dictates negative stresses are compressive and positive stresses are tensile. After contact is
established, σrr increases linearly until the end of Step-2, after which a more gradual linear increase to
39.5 MPa for the outer and 372 MPa for the inner cladding wall is followed. The rate of increase for
the inner cladding wall during the time interval between contact and the end of step-2 and throughout
step-3 is 3840 Pa/s and 3550 Pa/s respectively whereas the same quantity for the outer wall is
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Figure 5.5: (a) The nodal temperature history of the fuel centre and surface and the cladding’s inner
and outer wall. The pellet temperature increases with a decreasing rate for the first part of the power-
up until contact between the pellet and the cladding is achieved after which the temperature flux is
linear. The pellet centreline and surface temperature reach 1110 K and 636 K respectively whereas
the cladding inner and outer wall reach 622 K and 595 K respectively. (b) The radial temperature
profile of the system at various histories. A parabolic temperature drop in the pellet is seen.
78
E
n
d
 o
f 
s
te
p
-2
σrr=-1.35 MPa
C
o
n
ta
c
t
Inner clad wall
Outer clad wall
σrr=-12.6 MPa
N
o
d
a
l 
ra
d
ia
l 
s
tr
e
s
s
 σ
rr
 [
M
P
a
]
−400
−300
−200
−100
0
100
Time [s]
0 2.5×104 5×104 7.5×104 105 1.25×105 1.5×105
(a)
E
n
d
 o
f 
s
te
p
-2
C
o
n
ta
c
t
Inner clad wall
Outer clad wall
σzz=-57 MPa
N
o
d
a
l 
a
x
ia
l 
s
tr
e
s
s
 σ
z
z
 [
M
P
a
]
−500
0
500
1000
1500
2000
2500
3000
Time [s]
0 2.5×104 5×104 7.5×104 105 1.25×105 1.5×105
(b)
E
n
d
 o
f 
s
te
p
-2
C
o
n
ta
c
t
Inner clad wall
Outer clad wall
σθθ=-105 MPaN
o
d
a
l 
c
ir
c
u
m
fe
re
n
ti
a
l 
s
tr
e
s
s
 σ
θ
θ
 [
M
P
a
]
−500
0
500
1000
1500
2000
2500
3000
Time [s]
0 2.5×104 5×104 7.5×104 105 1.25×105 1.5×105
(c)
E
n
d
 o
f 
s
te
p
-2
C
o
n
ta
c
t
Inner clad wall
Outer clad wallσrz≈ 0 MPa
N
o
d
a
l 
s
h
e
a
r 
s
tr
e
s
s
 σ
rz
 [
M
P
a
]
−50
−40
−30
−20
−10
0
10
Time [s]
0 2.5×104 5×104 7.5×104 105 1.25×105 1.5×105
(d)
Figure 5.6: (a) The nodal radial stress component of the inner and outer cladding wall over time.
(b) The nodal axial stress component of the inner and outer cladding wall over time. (c) The nodal
circumferential stress component of the inner and outer cladding wall over time. (d) The nodal shear
stress component of the inner and outer cladding wall over time. The convention followed here is that
tensile stresses are positive and compressive stresses are negative.
362 Pa/s and 276 Pa/s respectively. In a similar fashion, the initial and final axial stresses σzz for
both the inner and outer cladding wall are -57 MPa and 290 MPa respectively and the initial and
final circumferential stresses σθθ for the inner and outer cladding wall are 2995 MPa and 2650 MPa
respectively. The initial shear stress σrz was trivial for the first part of the calculation, but after
contact was established the inner and outer cladding wall shear stresses reach -45.8 MPa and -43 MPa
respectively.
The stress contours along the radial path of the cladding at various histories depicted in Figure 5.3
are shown in Figure 5.7 (a)-(d). If linearity is assumed, the cladding stress gradients experienced as a
result of contact are 5.7× 105 MPa/m, 7.7× 104 MPa/m, 5.7× 105 MPa/m, and 4.7× 104 MPa/m
for the radial, axial, circumferential and shear components respectively.
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The stress components along the path taken at the triple point, depicted in Figure 5.9 (a) and
shown in (b)-(d) are examined. The radial, axial and circumferential stress components reflect the
geometrical symmetry at the triple point which displays a maximum value at the two localised points
of pellet-cladding contact and a minimum value in-between. At the pellet-cladding contact points the
radial stress component reaches a localised maximum compressive stress of 412 MPa which is 27%
higher than average radial stress on the same path and a local minimum compressive radial stress
of 99 MPa in the middle of the triple point. The axial and circumferential stresses exhibit similar
behaviour. A local tensile minimum at mid-triple-point of 266 MPa is observed that is 11% below
the path average. The shear σrz component exhibited a localised tensile maximum stress of 142 MPa
at the top pellet-cladding contact point that was higher than the average by a factor of 13, and a
localised compressive maximum stress of 178 MPa at the bottom pellet-cladding contact point that
was bigger than the path average by a factor of 18. Figure 5.8 illustrates the radial stress component
evolution.
5.6 Discussion
The computed radial temperature profile of the pellet followed the expected parabolic temperature
drop that has been reported previously [31][33][99]. Since the axial temperature variation of the pellet
with regards to the radial is small, the temperature profile of the cylindrical pellet can be approximated
by solving analytically the steady state heat conduction equation given by:
1
r
(
r
dT
dr
)
+ q˙
k
= 0 (5.11)
where T and k are the pellet temperature and thermal conductivity respectively and q is the volumetric
heat generation rate, assumed constant. By applying the appropriate boundary conditions the pellet
temperature distribution is given by
T (r)− Tfs
Tfc − Tfs = 1−
(
r
Rf
)2
(5.12)
where Tfs and Tfc are the temperatures of the fuel surface and centre respectively, and Rf is the
fuel radius. The deviation from the analytical solution, illustrated in Figure 5.10, is expected as the
thermal conductivity in the analytical solution is assumed constant and the thermal expansion and
swelling are not accounted for.
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Figure 5.7: (a) The radial stress component along the radial cladding path at the final step. (b) The
axial stress component along the radial cladding path at the final step. (c) The circumferential stress
component along the radial cladding path at the final step. (d) The shear stress component along the
radial cladding path at the final step.
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Figure 5.8: Contours of the radial component of stress at the triple point at various histories.
The centreline fuel temperature is reported in literature at the average linear powers of 18.6
kWm−1 27 kWm−1 and 42 kWm−1 as 1193 K, 1527 K and 2123 K respectively and, equivalently,
the pellet surface temperatures as 780 K, 820 K and 883 K, respectively, as summarised in Table
5.3. These temperatures do not agree with the presented computed results as they are overall higher,
a discrepancy that cannot be attributed to the different linear power rating used, but is however a
direct result of the coarseness of the model. The model’s approximation to the centreline temperature
is closer to the reported value in comparison to the pellet’s surface temperature approximation as
the centreline temperature deviation from the reported value at 18.6 kWm−1 is 83 K whereas the
equivalent difference for the pellet surface is 194 K. The latter disparity is due to the gap conductance
subroutine which only accounts for the presence of helium gas in the gap, effectively ignoring the
presence of the less conducting fission gases which are produced and released into the gap allowing
for higher surface heat loss. A more detailed examination of the rate of fission gas release as seen in
Williamson [99] and its subsequent incorporation into the gap conductance subroutine would therefore
lead to more realistic temperature fields.
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Figure 5.9: (a) The radial stress component of the final step and the axial triple point cladding path
analysed. (b) The radial stress component along the axial triple point cladding path at the final step.
(c) The axial stress along the axial triple point cladding path at the final step. Due to symmetry, the
circumferential stress is identical. (d) The shear stress component along the axial triple point cladding
path at the final step.
In addition, the model’s constant thermal expansion and artificial swelling rate meant that the
gap closed when the body heat flux was only 0.7Pmax, where Pmax is the maximum power used,
and hence the additional contact conductance arising from the pressure transmitted at the interface
came in effect at an early stage leading to more efficient surface heat loss and a lower average final
temperature. Moreover the pellet swelling rate and thermal expansion were assumed constant and the
initial fuel densification which takes place during reactor start-up as a result of pellet sintering causing
an increase in the gap size and consequently an increase in pellet temperature was not accounted for.
At the end of the simulation, the large thermal gradient of 102.2 K/mm present in the pellet which is
close to the reported value of 102.5 K/mm [31] was the result of the oxide’s low thermal conductivity.
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Linear Power [W/m] Centreline Temperature [K] Surface Temperature [K] Source
18 1193 780 [31]
20 1106 635 This study
27 1527 820 [31]
42 2123 883 [31]
Table 5.3: Comparison of pellet temperatures at centreline and surface between this study and liter-
ature.
Moreover, the average temperature of the cladding over the different linear powers has been re-
ported as 618 K [31] whereas here the computed average value at the power studied was 608 K. This is
expected as the fuel centreline and surface temperatures are lower than the reported value. However,
the radial linear heat conduction across the cladding qc that can be treated as a hollow cylinder, is a
function of the cylinder’s thickness tc such that:
qc = 2pikc
Tci − Tcs
ln[(Rf + tg + tc)/(Rf + tg)]
. (5.13)
where Tci and Tcs are the cladding inner and surface wall temperatures, Rf is the pellet radius and tg
is the gap width. Hence a more careful definition of pellet swelling, which causes cladding deformation
resulting in an average decrease of the pellet cladding thickness by 4%, is needed. Additionally, the
effects of including cladding thermal expansion, that will influence the pellet thickness and impact the
rate of gap thickness decrease, needs to be examined.
As can be seen in Figure 5.9 (c), prior to contact the axial stresses on the cladding are small
in magnitude and compressive, due to the resultant coolant pressure acting on the top of the pin.
Once contact has been established along the entire length of the pellet, and the pellet and cladding
are mechanically coupled through friction, significant tensile stresses develop in the axial direction
and pellet expansion results in axial elongation of the cladding. In a similar fashion a hoop stress
perpendicular to both the radial and axial directions also develops from the pellet expanding induced
elongation of the cladding. Prior to contact the outer cladding wall experiences a compressive radial
stress equal to the external coolant pressure applied, which increases once contact is established as
the expanding pellet forces the cladding radially outwards. The cladding shear stress grows once the
gap closes, but remains small in magnitude in comparison to the rest. A more pronounced increase
84
T(r)=(Tc-Ts)(1 - (R
r
)2 )+Ts
Abaqus output
T
e
m
p
e
ra
tu
re
 [
K
]
600
700
800
900
1000
1100
Pellet radius [m]
0 10−3 2×10−3 3×10−3 4×10−3
Figure 5.10: The computed and analytical solution of the pellet’s radial temperature profile.
occurs along the inner cladding wall which is mechanically coupled to the pellet via friction.
However, the effect of pellet hourglassing on the triple point was not seen here due to the tie
constraint applied on the pellet-pellet interface, and hence the results are not comparable to Williamson
[99] where and the outer cladding surface is held in tension and the inner wall in compression as the
cladding locally bends to accommodate for the hourglassing effect.
5.7 Conclusion
A 2D elastic thermo-mechanical axisymmetric pin model has been developed using the Abaqus code.
The GAPCON subroutine was employed in order to capture the gap conductance whilst ensuring a
smooth pellet-cladding gap closure. The thermal and stress fields were analysed.
The conclusion from this study include:
• The subroutine capabilities in Abaqus enable the user to model complex non-linear behaviour.
• A multidimensional analysis is needed to capture the thermo-mechanical interactions taking
place at the triple point, required for accurate prediction of PCMI.
• A fully coupled temperature-displacement analysis is necessary in order to allow for smooth gap
closure.
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• A multipellet analysis with the correct pellet-pellet interface contact implementation is necessary
in order to capture the effect of hourglassing.
• Integrating burnup-dependent fission gas release into the gap in order to define a mixed gas
composition which is also incorporated in the gap conductance and the inclusion of temperature
dependent cladding material properties would lead to more accurate temperature fields.
• Further investigation into pellet swelling is necessary for further model refinement.
Creep plasticity will be incorporated into the thermo-mechanical-elastic pin model in Chapter 6
and the effects of anisotropy in cladding deformation will be examined.
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Chapter 6
Thermo-mechanical-plastic pin model
The aim of this study was to use the thermo-mechanical-elastic pin model developed in Chapter 5 under
the same loading conditions and apply the cladding thermal and irradiation creep models, validated
in Chapter 4 such that the effects of two extreme cladding textures on creep strain deformation
were examined. A preferentially high basal pole alignment in the radial and axial directions and
an isotropic case were studied. The anisotropy was defined via Hill’s anisotropic potential using the
results of Chapter 4. This study concentrated on the creep strain differences and strain ratios in
tubing deformation as a result of the differing textures, rather than on the actual computed values
which, due to the uniform burnup-independent thermal expansion of the pellets, were overestimated.
6.1 Problem statement
The temperature and irradiation induced cladding creep strain rates were implemented into the previ-
ously developed thermo-mechanical-elastic pin model and hence the identical geometry, as described in
Section 5.1 was used with the same boundary conditions and over the same power ramping conditions
of linear increase (5% per hour) to 100% over 20h. The GAPCON subroutine was implemented in the
same fashion and the same material property definitions were used, with an additional cladding creep
strain plasticity defined through the CREEP subroutine seen in Appendix 8.
Both the thermal and irradiation creep strain rates are described in detail in Section 4.1. In
summary, the total secondary effective creep strain rate ε˙total is a summation of the thermal and
irradiation creep strain terms such that
ε˙tote = ε˙the + ε˙ire . (6.1)
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The secondary effective thermal creep strain rate ε˙th is given by
ε˙the = Ae−Q/RT
(
σe
G
)n
(6.2)
where A is a material dependent deformation factor, Q is the activation energy [Jmol−1], R is the gas
constant [JK−1mol−1], σe is the effective von Mises stress [Pa], T is the temperature [K] and G is
the temperature dependent shear modulus [PA], given in [113] as:
G = (4.2519× 1010)− T × (2.2185× 107). (6.3)
The effective irradiation induced creep rate is
ε˙ire = C0ΦC1(σe)C2 (6.4)
where C0, C1 and C2 are material dependent factors, Φ is the fast neutron flux assumed constant
[nm−2s−1] and σe is the effective von Mises stress [MPa]. The above material dependent constants
are given in Table 4.1.
The definition of the incremental creep strain components in Abaqus is:
∆" = ∆εtote
∂q˜()
∂
(6.5)
where axisymmetric Hill’s anisotropy q˜() function is given by:
q˜() =
[
F
(
(σzz − σθθ)2 + (σrr − σzz)2
)
+G(σθθ − σrr)2+
2L(σ2zθ + σ2θr) + 2Mσ2rz
]1/2
,
(6.6)
and the anisotropy ratios, as given in Section 4.3 (equation (4.18)) and defined in Abaqus CAE,
Rrr = Rθθ =
1√
G+ F
Rzz =
1√
2F
Rrz = Rzθ =
√
3
2N Rrθ =
√
3
2(F + 2G)
(6.7)
are used for a complete definition of anisotropy. The two extreme textures cases used, including
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Hill’s anisotropy parameters
Label Description Orientation F=H G L=N M=F+2G
Texture A Basal poles are prefer-
entially radially aligned
0.75 0 1.5 0.75
Isotropic Equal distribution of
basal poles is all direc-
tions
- 0.5 0.5 1.5 1.5
Texture B Basal poles are prefer-
entially axially aligned
0.05 1.4 1.5 2.85
Table 6.1: The three differing textures used and the corresponding anisotropic Hill’s constants, as
derived in Chapter 4.
isotropy are summarised in Table 6.1.
6.2 Results
The three models for the three differing textures were implemented. As before, contact between
the pellet and the cladding was achieved at 13h and the pin temperature profile of the three differing
textures were identical to each other and to the thermo-elastic pin model seen in Section 5.5, indicating
that the effect of texture on the final temperature profile is negligible.
The final stresses experienced by the cladding along Path I, indicated in Figure 6.1, are illustrated
in Figure 6.2. As expected, the radial stresses are compressive (negative), while the axial and circum-
ferential stresses are tensile (positive). The final average stresses are summarised in Table 6.2; the
preferentially radially aligned basal pole Texture A (F=0.75) exhibits the highest average radial and
circumferential stresses while the preferentially axially aligned basal pole Texture B (F=0.05) exhibits
the lowest average radial stress and highest axial stresses along the examined path. The average mag-
nitude of the shear stress is largest in Texture B, and, contrary to Texture A and the isotropic case,
is pointing in negative z-direction as seen in Figure 6.2.
Similarly, the creep strain components at the final step for Path I are seen in Figure 6.5 and the
average values across the path also summarised in Table 6.2. The radial creep strains are compressive
(negative) while the axial and circumferential stresses are tensile (positive), and the incompressibility
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Figure 6.1: A diagrammatic representation of the cladding paths examined below.
rule is satisfied. The largest average radial creep strain is exhibited when an isotropic creep potential
is used. Texture A results in the highest average tensile axial creep strains, an increase of 12% over
the isotropic case, whereas Texture B results in an average creep strain that, in comparison to the
isotropic case, is 88% smaller. Moreover, Texture B results in the highest average circumferential
creep strain, with an increased strain of 44% with respect to the isotropic case, whereas Texture A
results in a 44% decrease.
The final effective stress (Hill’s anisotropic potential) and effective creep strain used to derive
the creep strain components along Path I for the three texture cases are seen in Figure 6.6 (a) and
(b) respectively. Texture A gives rise to higher average effective stresses and creep strains, whereas
Texture B results in the lowest effective stresses and creep strains.
At the pellet-pellet-cladding triple point labelled as Path II in Figure 6.1, a similar stress profile
to that of the thermo-mechanical elastic pin model is observed, reflecting the local geometry of the
interface. As can be seen in Figure 6.4, the radial stresses are compressive while the axial and circum-
ferential stresses are tensile. The maximum and minimum radial and axial stresses are observed where
the two pellet edges meet the cladding and on the interface midpoint respectively. The circumferential
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Figure 6.2: The stress components for the cladding radial path (Path I) at t = tfinal.
stresses are maximised in the path midpoint which is pulled apart by the two pellet edge-cladding
points which cause a local shear stress peak on the cladding in opposing directions. The effect of
texture is clearly evident. Texture B results in decreased radial, circumferential and shear stresses and
a significantly increased axial stress whereas Texture A results in higher radial, circumferential and
shear stresses. The final creep strain at the triple point are of the same order of magnitude as those
encountered along Path I.
The creep strains at the triple point are illustrated in Figure 6.5. The compressive radial creep
strain and tensile axial creep strain are maximised where the two pellet edges meet the cladding while
the minimum is found in the midpoint. The circumferential strain is minimised at the midpoint of
Path II. The shear creep strain follows the shear stress trend, with the creep strains reaching a peak
at the two pellet edge-cladding points which are deforming the pellet-cladding sticking friction forces
the metal to move in opposite directions in a symmetric fashion across the triple point point.
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Figure 6.3: The creep components along the radial path (Path I) at t = tfinal.
Moreover, through a direct comparison between Figures 5.6 and 6.2 and Figures 5.7 and 6.5 it
was observed that the final stresses along Path I and II for the isotropic case drop dramatically when
creep plasticity was introduced.
The mechanical deformation of the clad introduced geometry changes that are dependent on the
texture. In general, an increase of the tube diameter, a reduction of the cladding thickness and axial
elongation are observed at differing degree. The thickness reduction across Path I, defined here as
Average thickness change across Path I = ∆l
lo
100% (6.8)
where ∆l is the change in thickness and lo is the starting thickness at t = t0, is 5% for the isotropic
and Texture A cases and 4% for Texture B. The biggest average increase in cladding external diameter
92
T
ri
p
le
 p
o
in
t 
m
id
p
o
in
t
t=tfinal
Isotropic
F=0.75
F=0.05
R
a
d
ia
l 
s
tr
e
s
s
, 
σ
rr
 [
M
P
a
]
−250
−200
−150
−100
−50
0
Normalized triple clad path II
0 0.2 0.4 0.6 0.8 1
(a)
T
ri
p
le
 p
o
in
t 
m
id
p
o
in
t
t=tfinal
Isotropic
F=0.75
F=0.05
A
x
ia
l 
s
tr
e
s
s
, 
σ
z
z
 [
M
P
a
]
600
800
1000
1200
1400
1600
1800
Normalized triple  clad path II
0 0.2 0.4 0.6 0.8 1
(b)
T
ri
p
le
 p
o
in
t 
m
id
p
o
in
t
t=tfinal
Isotropic
F=0.75
F=0.05
C
ir
c
u
m
fe
re
n
ti
a
l 
s
tr
e
s
s
, 
σ
θ
θ
 [
M
P
a
]
400
600
800
1000
1200
1400
Normalized triple clad path II
0 0.2 0.4 0.6 0.8 1
(c)
T
ri
p
le
 p
o
in
t 
m
id
p
o
in
t
t=tfinal
Isotropic
F=0.75
F=0.05
S
h
e
a
r 
s
tr
e
s
s
, 
σ
rz
 [
M
P
a
]
−75
−50
−25
0
25
50
Normalized triple  clad path II
0 0.2 0.4 0.6 0.8 1
(d)
Figure 6.4: The stress components along the triple path (Path II) at t = tfinal.
defined as
Average change in cladding diameter across Path I = ∆Rc
Ro
100% (6.9)
where ∆Rc is the change in the cladding radius over total simulation time and Ro is the starting radius
at t = 0, is observed with Texture B with an increase of 2.5%, whereas the isotropic and Texture A
cases behave in a similar fashion, resulting in an increase of 2.2%. The average axial elongation
measure across the length of the tube such that
Average change in elongation = ∆L
Lo
100% (6.10)
where ∆L and Lo refer to the change in length and the axial length at t = 0, was highest for the
isotropic and Texture A cases, which resulted in an increase of 3%, while Texture B axially elongates
by a 2.5% increase. Thus Texture B results in the biggest increase in cladding diameter with little
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Figure 6.5: The creep components along the triple path (Path II) at t = tfinal.
decrease in the cladding thickness and the smallest axial elongation, while the isotropic and Texture
A cases result in similar cladding thickness reduction with little diametric change and high axial
elongations.
6.3 Discussion
Prior to the discussion and the analysis of the final computed results, it is crucial to highlight the
boundaries which set the framework within which the validity of the results can be confined. To begin
with, the final computed creep strains, as summarised in Table 6.2, are up to four times bigger than the
absolute limit of 1% strain, which is an operational criterion set by the vendors as a safety requirement
in an effort to avoid having to take into account creep damage during fuel rod life. The model fails
to abide by this criteria due to the simplicity of the material properties used (burnup independent)
and the constant uniform expansion of the pellets. In addition, a verification of the model against
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Figure 6.6: The effective stress (Hill’s anisotropic potential) and effective creep strain values for the
the differing textures at t = tf .
experimental data is not possible as, beyond the fact that the material properties are greatly simplified,
a dataset that matches the exact fuel rod condition such as the fast neutron flux and power loading
conditions would be required. Moreover, a direct comparison with Williamson’s work [99] illustrates
that the stress and creep strain values of the model examined here are greatly exaggerated as the
equivalent creep strains are an order of magnitude larger. This was expected as the only consideration
in choosing a value of the thermal expansion was that it was sufficiently big for gap closure within a
given time (less that 10 hours), ignoring its empirical temperature, material and burnup dependent
properties. Furthermore, the creep strain distribution along the triple point between the two model
varies, indicating the importance of the starting boundary conditions used, such as the pellet-pellet
and pellet-cladding contact definitions, and consequently highlights the need for further transparency
in published results. Furthermore, since the incremental creep strain components are given by:
∆εrr = B
[
F (σrr − σzz)−G(σθθ − σrr)
]
∆εzz = B
[
F
(
(σzz − σθθ)− (σrr − σzz)
)]
∆εθθ = B
[− F (σzz − σθθ) +G(σθθ − σrr)]
∆εrz = 2BMσrz
(6.11)
where B is the system’s plastic multiplier given in terms of the thermal and irradiation induced
creep strain such that
B = [Ae−Q/RTG(T )−nσn−1e + C0ΦC1 ]∆t, (6.12)
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Radial path (Path I)
Average computed path creep strain [×10−2] Texture A Isotropy Texture B
F=0.75 F=0.5 F=0.05
εrr -3.67 -4.22 -2.98
εzz 2.63 2.34 0.281
εθθ 1.04 1.88 2.7
εrz 0.032 0.003 -0.36
Effective creep strain, εe 4.45 4.24 2.57
Average computed path stress [MPa] Texture A Isotropy Texture B
σrr -105 -70 -53
σzz 926 890 1344
σθθ 1197 816 968
σrz 3.9 3.3 -5.8
Effective Hill’s stress, σe 993 927 812
Triple point path (Path II)
Computed midpoint creep strain [×10−2] Texture A Isotropy Texture B
εrr -2.30 -3.35 -3.59
εzz 1.04 1.28 0.33
εθθ 1.26 2.07 3.26
εrz -0.68 -0.52 -0.34
Table 6.2: Summary of the average creep strain and stress values for the three textures examined for
Path I and the midpoint creep strain value for the triple point Path II at t = tfinal. The incompress-
ibility condition, such that εrr + εzz + εθθ = 0 is satisfied.
an approximate solution of the final creep strains is difficult to obtain. In addition, as the cladding
stresses are relatively high, even though the cladding temperature stays below 650 K, the main creep
strain contribution is no longer the irradiation creep term. If one solves for the critical effective stress
σce under a constant temperature, taken to be the cladding average temperature (600 K), for which
the irradiation and thermal creep strain terms are equal then, provided σe ≤ σce, the thermal creep
strain term is dominant. For the case here, σce ≈ 414 MPa and since the effective stresses reach higher
values, thermal creep strain effects are no longer negligible. In fact, we have erroneously extrapolated
the stress range for which the steady state thermal creep law used is experimentally tested in, valid
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for up to 115 MPa [112]. The creep rate and consequently the final creep strains are largely dependent
on the multiaxial stress state and Hill’s anisotropy constants. Thus, when the above is considered,
it becomes clear that a comparative examination between the differing textures used rather than a
direct comparison of the absolute creep values with expected results is the only information derived
from this work that can be considered.
To begin with, the compressive and tensile computed stress state of the deformed cladding are
expected. As seen in Table 6.2, for all textures used, the average radial stress along the chosen path is
compressive whereas both the longitudinal and circumferential average stresses are tensile. This is due
to the uniformly expanding pellets that force the ductile clad radially outwards, which, together with
the radially opposing coolant hydrostatic stress act to compress it. The high friction coefficient between
the inner cladding surface and the pellets couples the surfaces together and axial forces develop forcing
the cladding to extend longitudinally together with the pellet, with negligible sliding taking place,
while large tensile circumferential stresses develop leading to tangential expansion. Consequently, as
summarised in Figure 6.7 (a), due to the external coolant pressure and opposing radial stress exerted
by the pellets the cladding in all three cases is compressed radially with an evident reduction in
thickness while it extends longitudinally and increases in diameter. This is illustrated by the final
average negative radial and positive axial and circumferential plastic creep strains respectively, where
convention dictates that a negative strain is compressive.
However, it is clear that the cladding deformation is a function of the texture used, as the final
stress-strain values vary widely between the three cases examined. The final stress and creep strain
ratios with respect to the equivalent computed isotropic value, given in Table 6.3, can be used as
indicators in order to assess the deformation differences attributed to texture. For example, Texture A
results in relatively higher radial stresses and relatively lower radial creep strains than the isotropic
case. Further clarity is gained when the results are directly compared to the tube deformation of near
perfect textures (single crystal) where the effect of pellet-cladding friction is neglected such that the
tubes are free to move along z-direction. For such a tube with basal poles preferentially aligned in the
radial direction (Texture A), assuming only prismatic slip activation, the multiaxial stresses can lead
to:
• changes in tube length due to prismatic slip activation along the axial direction
• changes in tube diameter due to prismatic slip activation by tangential expansion in the tangen-
tial direction
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Component
Relative ratio w.r.t. the isotropic model
Texture-A Isotropic Texture-B
σrr 1.5 1 0.8
σzz 1 1 1.5
σθθ 1.5 1 1.2
εrr 0.9 1 0.7
εzz 1.1 1 0.1
εθθ 0.6 1 1.4
Table 6.3: The final average stress and creep strain ratios of the radial Path-A with respect to the
isotropic case.
• very little or no change in cladding thickness as the prismatic plane normals are perpendicular
to the radial direction.
The tube would therefore resist any deformation that allows a decrease in thickness by increasing
the material flow along the axial and the tangential directions as seen in Figure 6.7 (c). Thus, due
to the incompressibility condition, an increase in diameter leads to a decrease in length. When the
computed deformation of Texture A is examined, a decrease in thickness is observed. This is because
as the tube increases in diameter, the high pellet-cladding friction coefficient leads to an increase in
tube length and consequently a decrease in thickness. The tube elongation is more pronounced than
in the isotropic case, possibly to account for the reduced material flow along the radial direction. This
is reflected in the final computed creep strains, which illustrate that Texture A undergoes a smaller
radial and higher axial creep strain deformation in comparison to the isotropic case.
On the other hand, for a tube with preferred basal pole orientation aligned in the axial direction
(Texture B) the multiaxial stresses can lead to:
• changes in tube thickness due to prismatic slip activation by radial contraction in the radial
direction
• changes in tube diameter due to prismatic slip activation by tangential expansion in the tangen-
tial direction
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• very little or no change in tube length as the prismatic plane normals are perpendicular to the
axial direction.
The tube would therefore resist axial elongation but material will flow along the circumferential and
radial directions. The observed increase in diameter and decrease in thickness of the tube would
be more pronounced than that of an equivalent stress state on an isotropic material. As previously
discussed, the computed average final axial creep strain for Texture B is nine times smaller than that
derived with Texture A, indicating a decreased elongation of the tube, which increases by 2.5% in
comparison to the 3% increase seen with Texture A. However the average final compressive radial
strain along the examined path for the radially aligned basal pole configuration (Texture A) is higher
than the one obtained with the axial basal pole alignment (Texture B), and the cladding thickness
decreases by 5% and 4% respectively. The biggest increase in cladding external diameter (inner pellet
to outer cladding radius) however is observed with Texture B which is just 0.2% higher that the
isotropic and Texture A cases and 2% above the initial undeformed one. Thus Texture B results in
the biggest increase in cladding diameter and the smallest decrease in cladding thickness and axial
elongation, while the isotropic and Texture A cases result in similar cladding thickness reduction with
little diameter change and higher axial elongations.
Based on these results alone, the preferentially axially aligned basal pole Texture B would not be
used as cladding material on the grounds that it results in the biggest diametric increase which, in
combination with the stochastic nature of the effects that can lead to the ballooning effect, increases the
probability of pin-grid mechanical interaction which can cause high localised cladding stresses as well
as compromise the dimensional stability of the fuel assembly. Axial elongation plays a major role in
fuel assembly design criteria after it was realised that anisotropic irradiation induced creep growth lead
to severe fuel rod bowing in earlier PWRs, causing high creep strain differentials and compromising
assembly structural integrity. Enough space is now given to accommodate for this growth by placing
springs that hold the top grid down [109]. Beyond the mechanical mode of deformation of the tube,
radial texture is preferable for a number of reasons, such as the experimental observation that by
strengthening the radial texture the susceptibility to hydride formation cracking [127] as well as iodine
induced stress corrosion cracking [128] are reduced. These ultimately determine the texture used for
the zirconium alloy tube.
The current study has been based on material properties obtained from various sources in the
literature and an estimation of the possible errors is difficult to quantify as not only a number of
differing experimental techniques were used to obtain the values but the variation amongst the number
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Figure 6.7: (a) The resultant forces on a segment of the cladding. (b)-(c) Textured cladding under
axial tension and radial tension that is free to move along the axial direction. A highly radial texture
will resist deformation by tube thinning and an increase in diameter can lead to a decrease in length.
A highly axial texture will resist deformation by change in length, and an increase in diameter can
lead to thinning.
of parameters affecting material behaviour, such as amount of cold work, texture, grain size and
alloy composition were ignored. An exception arises when the material property was extracted from
the MATPRO libraries [122][125] where a more systematic approach to the possible errors and the
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reasoning behind why certain experimental methods followed in the literature were discarded are given,
together with corrections for metallurgical factors where possible. In addition, by virtue of the model,
these values have been extrapolated outside the stress range for which they have been experimentally
validated for. This had a significant impact in the application of thermal creep as, due to the constant
pellet thermal expansion, the clad stresses exceeded the stress range for which the empirical thermal
creep relationship has been validated for. The high clad stress profile also meant that the thermal creep
strain dominated over irradiation induced creep strain which can happen during accident conditions.
All material properties were assumed to be burnup independent and the observable evolution of the
physical propetries was not captured. This lead to a temperature distribution deviation, observed
when the radial temperature path was compared to literature values. Moreover, the assumptions
underlying the application of anisotropic creep and crystal orientation need further assessment: creep
deformation was carried out assuming single crystal deformation in conjunction with Hill’s potential,
which applies to polycrystalline materials. Kearn’s factors were used which are an indication of the
average number of basal poles orientated in a specific direction, ignoring possible inhomogeneities
in texture and prismatic plane orientation. The final creep strain is a sensitive function of Hill’s
anisotropy constants which were chosen under the somewhat trivial constraint F + H + G = 1.5 as
given in literature, and thus further examination to assess any implied assumptions arising from its
use is needed. Hence, the applicability of the model needs to be approached with due caution.
6.4 Conclusion
The implementation of creep deformation texture via Hill’s anisotropic potential on the rotationally
symmetric thermal pin model has been carried out. Two extreme textures were studied, one with
basal poles preferentially aligned in the radial direction (F=H=0.75, G=0.05) and another with basal
poles preferentially aligned in the axial direction (F=H=0.04, G=1.4). The outcome was compared
to an isotropic case.
The radially aligned basal pole texture deformed by decreasing in thickness and elongating axially
more so that the axially aligned texture which allowed for the higher diametric increase of the tube.
As an increase in diameter can compromise the structural integrity of the fuel assembly, Texture B is
not a good choice of cladding texture. However, the fuel assembly design criteria do allow for axial
elongation in order to accommodate for anisotropic irradiation creep growth, and as a radial texture
has been known to minimise hydride formation cracking and stress corrosion cracking, Texture A,
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which is already in use in PWRs, is more fitting. However care must be taken in interpreting the
results as final calculated creep strain is a sensitive function of Hill’s anisotropic constants which
which were derived on the arbitrary condition F + H + G = 1.5 assuming the strength of a single
crystal against creep deformation where only prismatic slip is active. A more quantitative correlation
between crystallographic orientation and Hill’s anisotropic potential is not possible.
The creep strain moduli were higher than literature suggests, indicating that further work needs
to be done.
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Chapter 7
Conclusions
Below are the key points and conclusions derived from this study.
• A qualitative description of the orientation of the hcp crystal with respect to Hill’s anisotropic
constants was derived with the help of experimentally determined Kearn’s values and Hill’s
anisotropic constants reported in literature.
• A smooth open-to-closed gap transition was achieved for the axisymmetric thermo-mechanical-
elastic fuel pin model. The final radial thermal profile was in close agreement with literature.
• The implementation of empirical thermal and irradiation creep strain models into the thermo-
mechanical elastic pin model and the inclusion of Hill’s anisotropic function as a means of
introducing texture has been successful as it has allowed for the sufficient exploration of texture.
• The results of this investigation illustrate that texture has a profound impact on the final de-
formed geometry of the cladding. A preferentially high basal pole alignment in the radial direc-
tion lead to an increase in length of 3%, a decrease in clad thickness of 5% and an increase in
diameter of 1.8%. A preferentially high basal pole texture in the axial direction however lead to
an increase in length of 2.5%, a decrease in clad thickness of 4% and an increase in diameter of
2%. The above changes were accompanied with significant variations in the magnitude of the
final stress state, while the tensile-compressive profile across the three cases was conserved.
• Creep strain results showed that a radially aligned texture within the clad is preferable. The axial
elongation which takes place during operation arises mainly from creep growth and is accounted
for by the fuel assembly design, whereas a diametric increase seen by the axially aligned texture
is highly unfavourable. This is in agreement with current PWR employed claddig texture.
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Chapter 8
Further Work
The model is a simple representation of polycrystalline anisotropic creep, and continued development
is required. To begin with, the fuel expansion needs to be modelled as two separate components
consisting of a thermal expansion part and a burnup-dependent fuel swelling part. Further model
refinement would be beneficial through the incorporation of temperature dependent clad material
properties, which have been assumed constant for the purposes of this work. Additional investigation
into the Abaqus contact definitions is needed as, due to the high degree of non-linearity introduced
through the gap conductance subroutine, a lot of convergence difficulties arose; in particular the
simultaneous implementation of the gap conductance subroutine with gap closure proved to be a
challenging task. Further refinement will thus have to re-evaluate the contact definitions used, as well
as find alternative routes for the application of the pellet-pellet boundary conditions such that the
hourglassing effect at the triple point is captured.
In addition further experimental work could be undertaken to investigate the extend to which grain
boundary sliding contributes toward creep deformation and locate the stress and strain rate regime
where this becomes a significant mode of deformation. A systematic study that explores the effects of
increasing grain size and varying texture on the creep strain rate mechanism can be set up. In addition
a quantification of the impact of defects on creep deformation via SIPA can be analysed by controlling
the amount of cold work on a test element prior to subjecting it to creep tensile testing as well as
carrying out a systematic investigation to examine the sensitivity of SIPA on grain size and texture.
The above tests can take the form of creep tensile tests on round sections of a minimum of three
specimens, an isotropic one and two exhibiting extreme differing textures such that the non-uniform
change in shape can be observed. Complementary creep tensile tests can be carried out that explore
the stress, temperature and strain rate dependency of creep on stress-temperature loading regimes
where the literature is lacking and predictive models can developed. A more careful quantification of
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the sample textures can be carried out, as Kearn’s factors reflect the average number of basal poles
aligned in a specific direction and are therefore not able to capture any inhomogeneities in texture.
These can have an acute impact in the final deformation of the sample and thus the more rigorous, 3D
texture characterisation using the technique of depth profiling electron backscatter diffraction (EBSD)
should be used.
The model remains empirical, and offers a simple alternative to joint collaborative efforts such
as those seen in the development of the BISON code. As the current trend moves away from using
such empirical relationships to investigating the physics behind the effects that lead to PCI by joining
the length scales of simulations, perhaps a different route to examining the role of texture would
be desirable. More rigorous texture characterisation, such as that obtained with EBSD scans, in
combination with polycrystalline plasticity models could be used instead, shifting the focus of the
project from a macro to a microscopic length.
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Appendix A
The temperature-dependent material properties used to describe the uranium dioxide pellet’s be-
haviour are listed here. The pellet thermal conductivity λ used, as reported in Ronchi et al [121] for
the temperature rage of 500 < T < 3000 K, is given as:
λ
[
W
mK
]
= 12.57829− 2.311× 10−12T + 2.36675× 10−5T 2
− 1.30812× 10−8T 3 + 3.6373× 10−12T 4 − 3.90508× 10−16T 5.
(1)
Equivalently the pellet density ρ, also reported in Ronchi et al for the same temperature range is given
as:
ρ
[
kg
m3
]
= 11031− 179.07t− 91.36t2 + 2.21t3 (2)
where t = T [K]/1000.
The specific heat capacity c used is given in MATPRO [122] as
c
[
J
kgK
]
= K1θ
2eθ/T
T 2[eθ/T − 1]2 +K2T +
Y K3EDe−ED/RT
2RT (3)
where
• K1 is a material constant, 296.7 Jkg−1K−1,
• K2 is a material constant, 2.43× 10−2 Jkg−1K−2,
• K3 is a material constant, 8.745× 107 Jkg−1,
• ED is a matieral constant, 1.577× 105 Jmol−1,
• θ is the Einstein temperature, 535.28.5 K,
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• T is the temperature [K]
• Y is oxygen to metal ratio, and
• R is the gas constant 8.3143 Jmol−1K−1.
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Appendix B
The *GAPCON subroutine, shown below, was written in order to model the gap conductance across
the pellet-clad interface for both the thermo-mechanical elastic and plastic models.
subroutine gapcon(ak,d,flowm,temp,predef,time,ciname,
1 slname,msname,coords,noel,node,npred,kstep,kinc)
include ’aba_param.inc’
!
real t, khe, q, kf, kc, meyer, effectivegap, r1, r2, r3,
1 r4, r5, opengapcon, Ahe, Bhe, the, ct1, ct2, closedcond
character*80 ciname,slname,msname
dimension flowm(2),temp(2),predef(2,*),
1 ak(5),d(2),coords(3),time(2)
! Open Gap Conductance.Its physical significance is the roughness of the
! inner cladding surface and fuel. This is the modified Olander OPEN gap model
! with MATPRO parameters, with only Helium present. Taken from Williamson (Ross&Stroute)
! DEFINITIONS
! ***********
! effectivegap: gap width and jump distances
! Temp_A is ALWAYS THE SLAVE
! Temp_B is ALWAYS THE MASTER
! temp(1): SLAVE temperature
! temp(2): MASTER temperatures
! texponent: the average gap temperature exponent, MATPRO
! w : conductivity constant, MATPRO
! r1: pellet surface roughnesses, taken by Williamson
! r2: clad surface roughnesses, taken by Williamson
! r3: Williamson’s paper
! opengapcon: open gap conductance [W]/[m**2]
! Ahe: MATPRO Helium gas constant
! Bhe: MATPRO Helium gas exponent
if(d(1).GT.1.0E-9)then
r1=2.E-6
r2=1.E-6
r3=r1+r2
r4=1.5*r3
t=(temp(1)+temp(2))/2.0
Ahe=2.639E-3
Bhe=0.7085
the=t**Bhe
khe=Ahe*the
effectivegap=d(1)+r4
opengapcon=khe
! ak(1): heat conductance between master and slave surfaces, opengapcon/(d(1)+ r4)
! ak(2): required field, d[ak(1)]/d[d(1)]
! ak(3): required field d[ak(1)]/d[pressure]
ak(1)=opengapcon/effectivegap
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ak(2)=-opengapcon/(effectivegap**2)
ak(3)=0.0
ak(4)=Ahe*Bhe*0.5*the/(t*effectivegap)
ak(5)=Ahe*Bhe*0.5*the/(t*effectivegap)
! Contact conductance. The modified Olander model is used. The conduction occurs
! via the pressure point, due to surface roughness as well as via the gas film, given
! as the addition of the surface roughnesses.
! If the distance is =< zero and the pressure is not
! then assume that the distance is 0 and just add the pressure term.
! Else assume distance is zero.
! This covers the case when d(1)<=0 but d(2)=0.
! DEFINITIONS
! ***********
! kf: thermal conductivity of fuel ###!not constant!###
! kc: thermal conductivity of clad ###!not constant!###
! =7.51 + 2.09*(10^-2)*T - 1.45*(10^-5)* T^(2) + 7.67 (*10^-9)* T^3
! meyer: clad Meyer hardness (Pa), MATPRO
! ct1: thermal conductivity terms
! ct2: pressure term
else if (d(1).LE.1.0E-9.AND.d(2).GT.0.0) then
! Pressure conductance term:
! h = [2*kc*kf/(kc+kf)]*P/[meyer*(average gas fim)^0.5]
kf=4.0
kc=16.0
meyer=1.0E9
r1=2.E-6
r2=1.E-6
r3=r1+r2
r4=1.5*r3
r5=r3**0.5
ct1=2*kc*kf/(kf+kc)
ct2=1/(r5*meyer)
closedcond=ct1*ct2*d(2)
! Gap model definition:
t=(temp(1)+temp(2))/2.0
Ahe=2.639E-3
Bhe=0.7085
the=t**Bhe
khe=Ahe*the
effectivegap=r4
opengapcon=khe/effectivegap
ak(1)=opengapcon+closedcond
ak(2)=0.0
ak(3)=closedcond/d(2)
ak(4)=Ahe*Bhe*0.5*the/(t*effectivegap)
ak(5)=Ahe*Bhe*0.5*the/(t*effectivegap)
else
r1=2.E-6
r2=1.E-6
r3=r1+r2
r4=1.5*r3
t=(temp(1)+temp(2))/2.0
Ahe=2.639E-3
Bhe=0.7085
the=t**Bhe
khe=Ahe*the
opengapcon=khe
effectivegap=r4
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ak(1)=opengapcon/effectivegap
ak(2)=0.0
! ak(3)=0.0
ak(4)=Ahe*Bhe*0.5*the/(t*effectivegap)
ak(5)=Ahe*Bhe*0.5*the/(t*effectivegap)
endif
!
! COMPLETE WRITE FILE
! write(6,*) temp(1), temp(2), Ahe, Bhe, d(1), t,
! 1 the, opengapcon, ak(1), ak(2), ak(3),
! 1 ak(4), ak(5)
write(UNIT=6,FMT=100) d(1), temp(1), temp(2),
1 the, ak(1),ak(2), ak(3), ak(4), ak(5)
100 FORMAT(E10.4,2x,E10.4,2x,E10.4,2x,E10.4,2x,E10.4,2x,E10.4,2x,
1 E10.4,2x,E10.4,2x,E10.4,2x)
return
end
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Appendix C
The *CREEP subroutine, shown below, was written in order to model clad creep behaviour for the
thermo-mecanical plastic model.
SUBROUTINE CREEP(DECRA,DESWA,STATEV,SERD,EC,ESW,P,QTILD,
1 TEMP,DTEMP,PREDEF,DPRED,TIME,DTIME,CMNAME,LEXIMP,LEND,
2 COORDS,NSTATV,NOEL,NPT,LAYER,KSPT,KSTEP,KINC)
!
INCLUDE ’ABA_PARAM.INC’
CHARACTER*80 CMNAME
DIMENSION :: DECRA(5),DESWA(5),STATEV(*),PREDEF(*),DPRED(*),TIME(2),
1 COORDS(*),EC(2),ESW(2)
DOUBLE PRECISION :: G, A0, A
REAL :: FLUX, C1, STRESS, IRCRR, IRCRR2
DOUBLE PRECISION, PARAMETER :: B2=9.881, C2=0.85, C3=1.0,
1 Z=0.0, FLUXCONST=5.0
! Set all to zero. Condition set to avoid underflow errors.
! If the effective stress, QTILD < 100 run to the end.
DO 3 KK=1,5
3 DECRA(KK)=0.D0
IF(QTILD.LT.100.) GO TO 10
!
! Thermal creep material constants definition:
A0=3.14e24
XN=5.0
XM=0.0
R=8.314462
G=4.2519e10-2.2185e7*TEMP
! A0 underflows in a STATEV but should still compute:
! 3.14e24*exp(-270000.0/(8.3144*500))*(4.2519E10-2.2185E7*500)**(-5.0) = 6.3691617e-57
! it goes all the way to e-70 e-314
A=A0*exp(-270000.0/(R*TEMP))*G**(-XN)
TERM1=A*QTILD**XN
DECRA(1)=TERM1*(TIME(1)-(TIME(1)-DTIME))
if(LEXIMP.EQ.1) then
DECRA(5)=DECRA(1)*XN/QTILD
end if
!
C1=B2*1e-28
FLUX=FLUXCONST*1E17
stress=qtild/(1e6)
IRCRR=C1*(FLUX**C2)*(stress**C3)
! IF(CMNAME.EQ.’A4’)GO TO 5
! TIME HARDENING
TERM1=IRCRR
DECRA(1)=DECRA(1)+TERM1*(TIME(1)**(1.+Z)-(TIME(1)-DTIME)**(1.+Z))
if(LEXIMP.EQ.1) then
111
DECRA(5)=DECRA(5)+DECRA(1)*C3/qtild
end if
!
10 CONTINUE
STATEV(1)= TEMP
STATEV(2)= A0
STATEV(3)= A
STATEV(4)= TERM1
STATEV(5)= QTILD
STATEV(6)= DECRA(1)
RETURN
END
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